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'Surface Heat Transfer Fluctuations
on a Turbine Rotor Blade Due to
Upstream Shock Wave Passing

A theoretical model to explain observed rapid large-scale surface heat transfer rate
Sluctuations associated with the impingement of nozzle guide vane trailing edge
shock waves on a transonic turbine rotor blade is described. Experiments were carried
out in the Oxford Isentropic Light Piston Cascade Tunnel using an upstream rotating
bar system to simulate the shock wave passing. High-frequency surface heat transfer
and pressure measurements gave rapidly varying, large, transient signals, which
schlieren photography showed to be associated with the impingement of passing
shock waves on the surface. Heat transfer rates varying from three times the mean
value to negative quantities were measured. A simple first-order perturbation analysis
of the boundary layer equations shows that the transient adiabatic heating and
cooling of the boundary layer by passing shock waves and rarefactions can give rise
to high-temperature gradients near the surface. This in turn leads to large conductive
heat transfer rate fluctuations. The application of this theory to measured fluctuating
pressure signals gave predictions of fluctuating heat transfer rates that are in good
agreement with those measured, It is felt that the underlying physical mechanisms
Sfor shock-induced heat transfer fluctuations have been identified. Further work will
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M. L. G. Oldfield
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Oxford University,
Oxford, United Kingdom

M. J. Oliver

Rolls Royce,
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be necessary to confirm them in rotating experiments.

Introduction

The true environment in the gas turbine aeroengine is un-
steady, even though most design practice is based on time-
averaged processes. Much interest is now being shown in ex-
amining the effects of this unsteady environment.

This paper shows that large, short-duration positive and
negative pulses of heat transfer rate on the surface of a gas
turbine rotor blade can be produced by the periodic impinge-
ment of shock waves from the upstream nozzle guide vanes,
and that these pulses can be predicted by a compression/heat
conduction theory.

The unsteady interaction between the moving rotor and up-
stream stator of a high-pressure turbine stage can cause major
fluctuations in both the aerodynamics of the rotor passage
flow and the heat transfer rate to the surface of the rotor
blades. At low speeds these fluctuations are mainly due to the
stator potential field and downstream wakes, and have been
studied in large, low-speed rotating turbines such as used by
Hodson (1985) and Joslyn and Dring (1983). Increasingly,
modern high work turbine stages have transonic flow in the
nozzle guide vane passages, with associated trailing edge shock
waves. These shock waves form a major source of unsteady
disturbance passing through the rotor passage. Doorly and

Present address: Schlumberger Cambridge Research Limited, Cambridge,
United Kingdom.

?Present address: Rolls-Royce, Derby, United Kingdom.

Contributed by the International Gas Turbine Institute and presented at the
33rd International Gas Turbine and Aeroengine Congress and Exhibition, Am-
sterdam, The Netherlands, June 5-9, 1988. Manuscript received by the Inter-
national Gas Turbine Institute September 25, 1987. Paper No 88-GT-172.
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Oldfield (1985a, 1985b, 1985¢) showed that the NGV shock
waves and wakes could be simulated by passing bars in front
of a stationary instrumented cascade at the correct relative bar
Mach number, My,; = 0.98, appropriate to the profile studied.
They also showed that the passing wakes and shock waves
could temporarily trip the rotor blade boundary layer, causing
large increases in the surface heat transfer rate. Figure I from
Doorly and Oldfield (1985b) shows that with widely spaced
wakes the passage of a shock wave gave rise to a relatively
small direct effect (A), but caused a short-lived separation at
the leading edge, which in turn collapsed to form a turbulent
spot (B) ahead of the main wake effect (C). In this case the
simulated NGV shock waves were weak. Subsequently, Ash-
worth et al. (1985) and Schultz et al. (1986) reported further
time-resolved heat transfer measurements using the same shock
and wake simulation technique. This used a different, tran-
sonic, rotor blade profile and a higher My, of 1.16, which
simulated stronger NGV trailing edge shock waves. Figure 2,
from Schultzet al. (1986), shows massive pulses of heat transfer
(clipped by the instrumentation), which were associated with
shock wave passing. Somewhat surprisingly, pulses of negative
heat transfer can be seen in Fig. 1.

The resulis presented here were obtained using the same
blade profile and rotating bar simulation as in Ashworth et
al. (1985), but at a 10 deg lower flow incidence angle, as in
Schultz et al. (1986), and at a bar relative Mach number of
1.13 in order to simulate slightly different engine design con-
ditions. They show similar transient peaks and troughs of heat
transfer rate (Figs. 5-9). In Ashworth et al. (1985) and Schultz
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Fig. 1 Summary of effects of isolated wakes and shock waves on heat
transfer rate measured on a just sonic rotor profile with M, = 0.98
{from Doorly and Oldfield, 1985b)

et al. (1986) these effects were thought to be due to transient
separation induced by the passing shock waves. While this is
a possible mechanism, it is difficult to see how a separation
could cause the reversals of the heat transfer rate seen in Fig.
2.

As will be shown in this paper, there is another mechanism
involving compression heating leading to thermal conduction
in the boundary layer close to the wall, which can be used to
predict the large heat transfer fluctuations from measured time-
resolved blade surface pressures. These short-time fluctuations
appear to add to those due to the passage of the wakes following
the shock waves.

Of course, these bar passing experiments do not model any
rotational or three-dimensional effects seen in a fully rotating
turbine stage. However, it should be possible to detect these
large fluctuations of surface heat transfer in the short-duration
fully rotating turbine experiments conducted by Epstein et al.

Al s, : \A.AM
Y R ™Y

11 f
E NA Y
- !

2000 F—SOOuseco
Ml At
0 1

Fig.2 Large heat transfer fiuctuations measured by Schultz et al. (1986)
due to passing shock waves and wakes. Transonic rotor profile and
conditions as in this paper. My, = 1.16.

(1984) (which uses turbine blading of the same profile as the
present work), Dunn (1986), Dunn et al. (1986a, 1986b), and
Ainsworth et al. (1988).

It isimportant to note that Dunn (1986) also showed negative
fluctuations in measured heat flux, which he considered was
due either to a flow phenomenon or to instrumentation noise.

Shock Wave Simulation

The experimental shock wave simulation was carried out in
the Isentropic Light Piston Tunnel at Oxford (Schultz et al.,
1977). The tunnel was used in the configuration described by
Doorly and Oldfield (1985) with the six-passage linear transonic
rotor cascade used by Schultz et al. (1986). The experimental
flow conditions are given in Table 1.

The moving shock waves and wakes that would have been
generated in a turbine by an upstream nozzle guide vane ring
were simulated by using a rotating bar wake generator, pre-
viously described by Doorly and Oldfield (1985a). A set of 1.6-
mm-dia bars mounted on a 250-mm-dia rotating disk pass
through a plane 15 mm upstream of the leading edge of the
cascade, as shown in Fig. 3. Two configurations of the shock
wave generator system were tested. With 16 bars mounted on
the disk an equivalent NGV/rotor pitch ratio of 1.73 was
attained, which gives engine similarity, or with two bars
mounted on the disk it was possible to study the effects of
isolated NGV wakes.

In addition to a trailing wake, each bar will produce two
shock waves, a bow shock, which will stand off the front of
the bar, and a recompression shock, which will be produced
downstream of the bar as shown by Schultz et al. (1986) and
Shapiro (1954). An expansion wave will be produced between
the two shock waves. The majority of tests were carried out
with the bar speed set to give a bar Mach number of 1.13

Nomenclature
¢ = specific heat capacity u = velocity component parallel to p = density
k = thermal conductivity surface
My = Mach number of rotating bar v = velocity component perpen- Subscripts
(midspan) relative to inlet dicular to surface 0 = mean time level
flow o« = thermal diffusivity = k/pc 1 = first-order perturbation
P = static pressure v = ratio of specific heats g = gas property
q = heat transfer rate & = 99 percent boundary layer s = substrate surface property
T = temperature thickness u = unsteady change
106/ Vol. 111, APRIL 1989 Transactions of the ASME
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Table 1 Experimental flow conditions

Inlet Mach No. 0.38
Exit Mach No. 1.18
Bar relative Mach No.: design 1.13

low (no bar shocks) 0.73

Reynolds No. (based on true chord and isentropic 1.0%x 106
exit conditions)
Inlet angle 48 deg
Blade chord 41 mm
Blade axial chord - 34 mm
Heat transfer tests Pressure tests
Total temperature 460 K 300 K
Initial blade temperature 290 K 290 K
Total pressure 290 kPa 170 kPa
Bar generator rotational 21,800 rpm 17,000 rpm
speed
i v l
? TURBULENCE GRID < /
e \ 7 \7 L
: - 35/

f / {//? ?Mwm BLADES
R
AT

SECTION A-A

Fig. 3(a) Arrangement of rotating bar wake generator and cascade

M= 0-bb
ROTOR RELATIVE FLOW

M=113
NGV EXIT FLOW BoLE

L/E PLANE

TEPLANE —— =& —
Fig. 3(b) Velocity triangles at inlet for the steady nominal design case
at midspan

relative to the upstream flow. This was appropriate to the
engine design case, although some work was done with an My,
of 0.73 so that the effects of wakes could be studied without
the presence of shock waves.

Flow behavior was measured using platinum thin-film heat
transfer gages (Schultz and Jones, 1973) mounted on Macor
machinable glass blades, coupled with high-speed electrical
analogues (Oldfield et al., 1982) giving a system bandwidth of

Journal of Turbomachinery

Thin Film Gauge o
Pressure Transducer : [

Thin Film Gauge Positions

Model Point x/Cax
1 0.0
17 0.246

1749 19 0.372

Transducer Positions

Model Point x/Cax
1 0.0 (screened)
19 0.390 (unscreened)

Cax il
-

Fig. 4 Positions of thin-film heat transfer gages and Kulite pressure
transducers

80 kHz. The fluctuating surface pressures were measured with
Kulite (XCQ-062-050D) wide-bandwidth pressure transducers.
The data were recorded on a digital transient recorder at a
sampling rate of 500 kHz. The positions of the heat transfer
gages and the pressure transducers are shown in Fig. 4.

From Table 1 it can be seen that the heat transfer rate
measurements were made with an upstream gas total temper-
ature of 460 K, while the pressure measurements were taken
with a gas total temperature of 300 K; the total pressures and
wake generator speeds were changed to keep the Reynolds
number and Mach number constant. The time base on the 300
K pressure data presented here has been adjusted to allow direct
comparison with the 460 K heat transfer data.

Heat Transfer Rate Measurements

Heat transfer rate measurements are presented in Figs, 5-9
for thin-film gage model points 17 and 19 on the suction surface
instrumented blade, and the leading edge model point 1 on the
pressure surface instrumented blade. The locations of these
model points correspond to the positions of the pressure trans-
ducers, which are discussed below. The positions of both the
heat transfer gages and the pressure transducers referred to in
this paper are shown in Fig. 4. Other gages and transducers
are omitted for clarity.

Figure 5(i) shows the heat transfer measurements observed
on model point 19 in the 16-bar configuration, which corre-
sponds to the engine conditions. Unfortunately, the overlaying
of successive bar passing events prevents an analysis of indi-
vidual shock wave and wake passing. In order to achieve a
better understanding, the experiment was repeated with two
bars in the rotating disk. The heat transfer trace for model
point 19 with two bars is shown in Fig. 6(3). It can now be
seen that as the bar passes the blade, very large changes occur
in the measured heat transfer rate. The peaks observed appear
to be associated with the shock waves from the bar. The first
peak coincides with the bow shock, while the second peak
coincides with the recompression shock. Between the two peaks,
the rate of heat transfer falls dramatically toward zero. These
changes in heat transfer rate are even more dramatic on model
point 17, which is upstream of the crown of the blade (Fig.
7). Here, the second peak rises to over four times the mean
level, while between the two peaks the heat transfer rate falls
to less than zero. This phenomenon of negative heat transfer
was also observed by Schultz et al. (1986). The smaller rise in

APRIL 1989, Vol. 111 /107
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HEAT TRANSFER (xW/m2)

|

0o

Mwwmwwm

TIME (mS)

Fig. 5() Unsteady heat transfer rate measured at MP 19 at design con-
dition; M, = 1.13; 16 bars :

120

PRESSURE (xPd
40

[~) 1 1 1

!
0.0 1.0 2.0 3.0 4.0
TIME (mS)

Fig. 5(i)) Unsteady surface pressure measured at MP 19 at design con-
dition; My, = 1.13; 16 bars

g
> -
&
.
@ [=] " ! " L i 1 b
0.0 1.0 20 3.0 4.0
TIME (mS)
Fig. 6() Unsteady heat transfer rate measured at MP 19; M, = 1.13;
2 bars
gl

80
T

PRESSURE  (kPad
40

o 1 1 L i " 1 n |
0.0 1.0 2.0 3.0 4,0
TIME (mS)
Fig. 6(i) Unsteady surface pressure measured at MP 19; My, = 1.13,
2 bars

heat transfer following these peaksis attributable to the passage
of the wake.

These large peaks and troughs in the measured heat transfer
rate are definitely not due to oscillation or transient overshoot
in the instrumentation used. Careful measurements of the an-
alogues described by Oldfield et al. (1982) and the second-
order filters used show that the system gain rolls off smoothly
with frequency with a — 3 dB bandwidth at 85 kHz (nominally
100 kHz). The phase shifts of the system contribute to a time
delay of 3-4 us, nearly constant with frequency, which does
not significantly affect the results here.

Figure 8(¢) shows the heat transfer trace for model point 19
taken with a subsonic My, = 0.73 and shows the effects of
wakes alone. This enables the events occurring as a result of
shock activity to be distinguished from those due to the wake
passing. Figure 9(i) shows the heat transfer traces obtained on

108 /Vol. 111, APRIL 1989

HEAT TRANSFER (k¥W/n2)
300
T T

100

-100

0.0 1.0 20 3.0 4.0
TIME (mS)

Fig. 7 Unsteady heat transfer rate measured at MP 17; M,,; = 1.13, 2
bars

200

1
2.0 3.0 4.0
TIME (mS)

HEAT TRANSFER (xi/u
o0
j=]
o

Fig. 8() Unsteady heat transfer rate measured at MP 19; M, = 0.73;
2 bars

120
T

PRESSURE (hPa)
40 80
l 1

i
2.0 3.0 4.0
TIME (mS)

Fig. 8(i) Unsteady surface pressure measured at MP 19; M, = 0.73,
2 bars

model point I, a leading edge gage. The measured heat transfer
rate fluctuations associated with the shock wave passing are
considerably smaller than those measured on the suction sur-
face gages. This is thought to be due to the shock front being
perpendicular to the surface at the leading edge, while it is
parallel near the suction surface.

However, it is interesting to note that the moving leading
edge separation mechanism seen in Doorly and Oldfield (1985a),
Fig. 1, also exists on this profile, albeit on the pressure surface,
as can be seen in Fig. 7 of Schultz et al. (1986). This produced
large pressure surface heat transfer rate fluctuations. As this
paper is concerned with direct shock interaction, the pressure
surface is not considered here in detail.

Unsteady Pressure Measurements

The unsteady pressure-time signals corresponding to the
heat transfer rate traces in Figs. 5(i), 6(7), 8(), and 9(j) are
shown in Figs. 5(ii), 6(ii), 8(ii), and 9(ii), the data being taken
at model points 1 and 19, as shown in Fig. 4. Two types of
pressure transducer were used. According to the manufacturer,
the diaphragm in the first pressure transducer, model point 1,
has a natural frequency of 600 kHz, but a protective screen
limits the frequency response to about 20 kHz, and so results
taken, Fig. 9(ii), showed no evidence of transducer ringing.
The diaphragm on the second transducer, model point 19, was

Transactions of the ASME
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Fig. 9() Unsteady heat transter rate measured at MP 1 leading edge;
My = 1.13, 2 bars

QL
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TIME (mS)
Fig. 9(i) Unsteady surface pressure measured at MP 1 leading edge;

Myt = 1.13, 2 bars

unscreened but coated with RTV to give it durability. This is
said to reduce the natural frequency to approximately 150 kHz.
The data taken with this configuration showed clear evidence
of ringing at 150 kHz, Fig. 8(#), but this frequency is far higher
than that characteristic of the large pulses in pressure due to
the shock wave passing.

The data taken at model point 19 in the 16-bar configuration
are shown in Fig. 5@ii). As with the heat transfer rate data
taken in this configuration it is difficult to identify any specific
phenomena, the data showing periodic fluctuations with a
peak-to-peak amplitude of approximately 0.7 times the mean
pressure level.

The two bar data taken at the same point, Fig. 6(ii), show
very clear periodicity with a series of large rapid peaks and
troughs in static pressure. The highest peak is approximately
1.7 times the mean level with the lowest trough slightly over
half the mean level. It should also be noted that these fluc-
tuations, although reduced in amplitude, continue almost until
the disturbances associated with the next bar occur. These very
rapid fluctuation are associated with the passing of unsteady
shock waves, since when the tunnel was run with My = 0.73,
Fig. 8(ii), they were absent.

A re-examination of the 16-bar data shows that many of the
phenomena present in the two-bar data can be identified here.
The time signature for these data, Fig. 5(/i), has the same large
positive and negative fluctuations as the two-bar results, but
they are of a lower amplitude.

Pressure data were also recorded at the leading edge of the
blade, Fig. 9(ii). The transducer mounted here was fitted with
the protective screen and therefore had a reduced bandwidth.
In spite of this, many of the same phenomena can be identified,
with large fluctuations having a peak-to-peak amplitude of
approximately half of the mean pressure level. These pulses
die away slowly in a similar manner to those at model point
19,

Journal of Turbomachinery

Schlieren Photography Results

Schlieren photography, using the mirrored backwall system
described in Doorly et al. (1985c), was used to visualize the
positions of the wakes and shock waves in the cascade passages.
The photographic results, taken at known times, were used to
track the propagation and reflection of the unsteady shock
waves across the passage. A brief summary of these results
has previously been published by Schultz et al. (1986). An
example of the results for both 16-bar and two-bar tests is
shown in Fig. 10.

Analysis of the 16-bar data is not easy, as it is very difficult
to isolate the effects of individual bars. This can be seen in
Fig. 10(/) where there appears to be a continuous wake across
the cascade, although the NGV/rotor pitch ratio was 1.73.

In the two-bar data, Fig. 10(ii), the bow shock can be iden-
tified propagating across the lower passage, and the re-
compression shock can be seen hitting the crown of the suction
surface, while the wake can be seen entering the upper passage.
The results also showed the existence of shock waves still pres-
ent in the passage from the passing of the previous bar when
the next bar arrives, although the simulated NGV/rotor pas-
sage ratio was 13.8.

Discussion of Experimental Results

The experimental data for both heat transfer rate and surface
pressure are characterized by large positive and negative fluc-
tuations from the mean. Careful analysis of the data shows
that the largest positive spikes in both pressure and heat trans-
fer rate occur when the schlieren data show the recompression
shock wave from the bar hitting and being reflected from the
surface of the blade. It should also be noted that the large
drop in heat transfer rate, and negative heat transfer in some
cases, occurs between the passing of the bow shock and the
recompression wave, where an expansion wave would be ex-
pected. There are a number of other rapid peaks in heat transfer
rate, clearly identifiable in the two-bar heat transfer rate data.
Each one can be associated with a rapid rise in the measured
pressure, and, in the schlieren results, with shock waves that
have been reflected one or more times from the surface of the
blades.

There is therefore an identifiable association between the
peaks and troughs in the pressure and heat transfer signals
with the passing of shock waves and expansion waves.

There is clear evidence that these shock wave associated
pulses in both the heat transfer rate and pressure continue,
although with a reduced amplitude, until the arrival of the
next bar. This is also clear in the schlieren photographs, where
shock waves can be identified in the passage long after the bar
shock waves have passed.

Theoretical Model

The model used to explain the high-frequency surface heat
transfer rate fluctuations considers the boundary layer behav-
ior in very close proximity to the wall. The flow is assumed
to be subsonic and the effect of an incident shock wave, with
the shock front parallel to the surface, is to vary the pressure
rapidly in this region.

This rapid pressure variation heats the boundary layer gas
quickly by adiabatic compression. The large temperature gra-
dients thus generated at the wall give rise to high rates of
conductive heat transfer. It will be demonstrated that in the
short time during which the shock wave passes through the
boundary layer and reflects, conduction occurs only very close
to the wall. It is then shown that this conductivity-dominated
process can be used to predict the rapid heat transfer rate
variations from measured surface pressure time signatures.

A simplified view of the process is shown in Fig. 11. A
parallel or near-parallel unsteady shock wave from an upstream

APRIL 1989, Voi. 111/109
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Fig. 10()) Schlieren photograph of cascade flow design condition; 16
bars; approximate bar positions shown; My, = 1.16

blade or bar passes through the boundary layer and reflects
from the surface. The increase of surface pressure and tem-
perature occurs in a very short time, and can be modeled as
a step in time. Although the compression due to the incident
and reflected shock waves is not strictly isentropic, for the
weak shock waves associated with turbine blade interactions,
the isentropic approximation

T, P\ 1=t

NOE
can be used. For a shock wave Mach number of 1.13, giving
a reflected shock pressure rise of 1.8, normal reflected shock
wave heating gives 7,/7T, = 1.08396, while isentropic com-
pression gives T,/T, = 1.08327, a difference of only 0.06
percent.

Now, consider the effect on the boundary layer equations
of this sudden compression. For simplicity the incompressible
boundary equations will be used, and only the first-order per-
turbations about the mean values will be considered. Schlicht-
ing (1979) derives a set of unsteady perturbation equations by
assuming that all flow variables can be expanded as a power
series in some small number e. Here only the first-order equa-
tions are considered.

As only the temperatures are of interest here, we need only
consider the first-order perturbation of the energy equation

3T1 aTl aTO aTI aTO aale

at+u°6x+ulax+v06y+vlay_6y2 )
Near the wall, where y is small, with near-parallel shock

aT,
waves and a near-constant-temperature wall, the u, —a—xl and
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Wake

Recompression )

Shock Wave
Barﬁ\
Bow Shock NS
Wave

/ Mbrel

Fig. 10{(i)) Schlieren photograph of cascade flow; 2 bars; approximate
bar positions shown; My, = 1.16

a7, .
U, Ex—o terms are small. Since v, and v, are zero at the wall,
we can assume that they are of the order of y" for some value

aT aT,
n > 1. Then v, _671 and v, a_yo are of the order of y(-D and

. . 32T, N
are negligible compared with « a—yz—l, which is of the order y-2

for small y. Neglecting these four terms the energy cquation
collapses to the one-dimensional unsteady heat conduction
equation
BT _ 10T
I « ot
Now consider the effect of a step increase of the gas tem-
perature superposed on the steady-state temperature field.
Consider a steady boundary layer temperature distribution
T, (y) (Fig. 12). The boundary layer is then heated by a step
T, at t = 0, while the temperature of the surface remains at
T4(0). Cooling of the boundary layer by conduction to the wall
then occurs and the temperature falls by 7T,(y, f). The new
temperature of the boundary layer will be

T, H=ToW+T,- T, ) “

The unsteady heat transfer rate g, (+ ve to the wall) is therefore
given as ’

3

kdT,
ay

. kd
qu(ya t)=5(Tg_T2(y; H)y=- (5)

The boundary condition is applied
7(0,8) = To(0) or 70, ) =T,
Equation (3) can be solved using Laplace transforms to give
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g S +81 3 Fig. 13 Boundary layer penetration depth for various amplitudes of the
thermal wave, T,/T,, fora step in T,
After Interaction
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-~ actual
! t

Fig. 11 Effect of incident and reflected shock waves on boundary layer,
showing compression of boundary layer and change in velocity and
temperature profiles; increase in pressure and temperature of boundary

layer resulting in step change

Fig. 12 Boundary layer temperature profile following step gas tem-
perature change

T,(y, t) = Teerfc (——iv————> 6)
27/ (at)
which can be substituted into equation (5) to give
. d
Gy, ) =KT, 5= erf <L> ™
y 24/ (at)

The methods described above are familiar from the theory
of one-dimensional unsteady heat transfer in solids (Schultz
and Jones, 1973; Carslaw and Jaeger, 1959).

Equation (6) can be used to calculate the penetration depth
into the boundary layer of a thermal wave in a given time.
This gives the curves in Fig. 13, for various values of T,/ T,
or different amplitudes of the thermal wave. The calculations
are presented for air at the conditions relevant to the surface
of the blades used in the experiment

T=306.6 K
P=1.348 bar
p=1.5345 kg m-3
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Fig. 15 Changes in substrate and gas temperature profiles following
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c=1006 J kg~'K-!
k=0.0257 W m-1K-!

(pck)=6.279 W m~-2K-1g-12

For a typical blade with a boundary layer thickness of 0.5
mm and an incident shock wave velocity of 450 m/s, the com-
pression process takes less than 2.5 us, so the step onset model
is valid.

The duration of the measured high-frequency heat transfer
rate pulses is of the order of 60 us (Fig. 7). This will give a
penetration depth for the 7,/7, = 0.1 of approximately 0.1
mm. This is small compared to the predicted thickness of the
boundary layer of order 1 mm, and so the earlier assumption
of the effect being confined to the lower region of the boundary
layer is valid. As the velocities in the boundary layer close to
the wall are low, the use of incompressible boundary layer
equations (2) is justified within the limits of the approximate
model given here.

Equation (7) can be solved to give the heat transfer rate at
the surface (y = 0) for a step compression

(iu(O’ 1) = (8)

This is presented graphically in Fig. 14.

This gives an infinite heat transfer rate at time ¢ = 0. In
practice, the finite but small rise time in 7, reduces this to a
high peak in heat transfer rate as shown by dashed lines.

Of course, this analysis also holds for the heat transfer
generated by steep expansion waves, which can cause large
negative changes in heat transfer rate.

This analysis gives a possible physical mechanism for the
observed fluctuations in heat transfer rate, and it will now be
shown how these may be predicted from the measured surface
pressure fluctuations, Figs. 5(i), 6(ii), 8(if), and 9(ii).

The analysis so far has assumed that the wall temperature
does not vary with time. In practice the heat transfer rate is
measured by thin-film thermometers mounted on the surface
of the blade, and the thermal properties of the surface substrate
must be allowed for.

A region is considered where the temperature of the gas and
the wall is at a steady temperature 7" If rapid compression
heating occurs then the gas temperature away from the wall
will rise by T, (¢) and at the wall by T,(¢) (Fig. 15), if radiation
and convective effects are neglected. It can be shown that in
Laplace transform coordinates

Gu= (0ck) o (T, T\ )
qu= V (ka)substrateTs% (10)

Dividing equation (9) by (10) and taking the inverse transform

1-7, N (okrmmam

But

(11
Ts \Y} (PCk ) gas
Equation (11) can be rearranged to give
T, N (PCk)gas Tg (12)

- '\/ (ka)gas + \/ (pCk ) substrate

Thus we see that the changes in surface temperature follow
the changes in gas temperature.

Thus
do N Lock) N (pck)g
N (ock) s+ (pck),

=N (ka)equing\/;

For the Macor machinable glass blades used in this exper-

TNs

(13)

(14)
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iment, \/ (pck); = 2060 Wm 2K~ !s~ 12 and 5o \/ (ock) equiy =

6.26 Wm~2K-1s~1/2 a correction of only 0.3 percent on

\ (ock),. For a metal blade this will be even less. Computa-
tional solutions of equation (14) are well known (Schultz and
Jones, 1973; Oldfield et al., 1978) from the theory of thin-
film heat transfer gages, and it is possible using the digitized
pressure signal to compute changes in 7, and hence in the
unsteady heat transfer rate.

The above analysis predicts the unsteady heat transfer rate
assuming that the only effect of the pressure fluctuations is to
change the temperature of the gas near the surface. There will,
however, be a density change, which will manifest itself as a
change in the thickness of the boundary layer.

Consider the steady-state heat transfer rate

. dT
do=k dy

When an incident shock wave reflects from the surface (Fig.
11), the boundary layer is compressed in the y direction along
with the embedded temperature field 7(y). This increases the
gradient d7/dy. 1t is possible to predict the modulating heat
transfer rate q,, caused by the compression and heating of the
boundary layer under the influence of the pressure fluctuation
associated with the shock wave passing by using

. dT T\dT,( o
()
m AV Ty / dy \ po

B(2)=(2)
=k E Yo &
dy \po) ~ P\ p,

The relevant conductivity & is that at the blade surface tem-
perature, and this too will be affected by the heating

k=0.0047+(7x10-5T) Wm~-IK-! a7

In practice, for gas temperature fluctuations of the order of
40 K about a surface mean of 300 K, the short-term surface
temperature fluctuations are only of the order of 0.12 K and
the effects on conductivity can be neglected. It should be em-
phasized that the predictive models given in this section are
effectively a linearized first-order approximation to the Na-
vier-Stokes energy equation, which enables relevant mecha-
nisms to be identified. Somewhat surprisingly, as will be shown,
this simple theory is remarkably effective in predicting the
experimental heat transfer results.

(15)

(16)

Comparison Between Experimental and Theoretical Data

In practice the measured pressure signals are in the form of
discrete digitized samples, and numerical solutions of equation
(4) using experimental temperatures suffer from the effects of
digitization noise. This was reduced by using a zero phase
Hamming window digital low pass filter (Rabiner and Gold,
1975) with a 30 kHz, — 3 dB bandwidth, to produce a smoothed
pressure trace stored as real values rather than integers, to
reduce quantization errors (Fig. 16). This filter has the ad-
vantage that it introduces no phase or time shifts in the data,

=3
N =
—

1
0.0 1.0 2.0 3.0 4,0
TIME (w8

Fig. 16 Unsteady surface pressure measured at MP 19 (Fig. 6(if). Fil-
tered with 30 kHz low pass Hamming window filter; 2 bars.
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560.C

TIME (mS)

Fig. 17 Predicted gas temperature fluctuation 7, due to pressure vari-
ations in Fig. 16

HEAT TRANSFER GW/widd
100

0.0 1.0 20 3.0 4.0

TIME (mS)

Fig. 18(a) Surface heat transfer rate fluctuations predicted from pres-
sure data at MP 19 due to compressive heating (equation (18))

HEAT TRANSFER (KW/m2)

o ) ) L

1
0.0 1.0 2.0 3.0 4.0
TIME (m$)
Fig. 18(b) Unsteady surface heat transfer rate levels predicted from
pressure data at MP 19 due to modulation of boundary layer thickness
(equation (18))

and exhibits no ringing or overshoot on pulse or square wave
input signals. The choice of the low 30 kHz cutoff has the
added benefit of removing any ringing and overshoots due to
either the heat transfer instrumentation or pressure transdu-
cers. It should be noted that the recovery shock follows the
expansion wave around the bar and is stronger than would be
expected for My,q = 1.13. This smoothed pressure signature
was used point by point to predict 7,(¢) (Fig. 17), which was
in turn used to predict the unsteady heat transfer rate (equation
(14)) neglecting the change in thickness of the boundary layer
(Fig. 18a), using a numerical ramp approximation convolution
from Oldfield et al. (1978)

2N/ pek &
By (T + Tomy = 2T,) (m— )03

\/7T—T n=0
(18)

Equation (16) was then used to calculate the predicted unsteady
heat transfer rate (Fig. 18b), due to the modulation of T,(y)
by the fluctuating pressure. The total effect is shown in Fig.
19.

As the pressure signals used in the predictions were filtered
using a high-frequency cutoff filter, making a direct compar-
ison with the wide-bandwidth heat transfer rate measurements
would be invalid. To make the comparison between the pre-
dicted and measured data legitimate, the measured data were
filtered with the same Hamming window filter used for the
pressure signals.

Considering the two-bar data for model point 19 first (Figs.
19 and 20), for the predicted and measured data, respectively,

4(ty=q(mr)=
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L . 1 L 1 x I
1.0 2.0 3.0 4.0

TIME (mS)

|1}

HEAT TRANSFER (h¥W/zi2>
200
T

=]
o

Fig. 19 Predicted unsteady surface heat transfer rate calculated from
unsteady surface pressure data (Fig. 6(ii)) measured at MP 19, M,,,, =
1.13, 2 bars. This is the sum of Figs. 18(a) and 18(b).

(=1 1 i n MM
0 L0 2.0 3.0 4.0

o

200

HEAT TRANSFER (k¥/m2)

TIME (mS)

Fig. 20 Unsteady heat transfer rate (Fig. 6(/)) measured at MP 19, M,
= 1.13; 2 bars; filtered to 30 kHz

it can be seen that the amplitude of the large peak and the
deep trough have been predicted well and other shock wave
associated spikes are similar in both figures. The duration of
the peak in heat transfer rate is however underpredicted. It is
possible that the shock wave causing the peak also induces a
transient separation, which amplifies and broadens the ob-
served peak. In the measured data there is a drop in heat
transfer rate after the incidence of the reflected shock wave,
followed by an increase in heat transfer rate. This increase is
associated with the passing of the wake, and is not modeled
from the pressure fluctuation. This wake effect is demonstrated
in the My, = 0.73 data (Figs. 21 and 22), where the predicted
data show a drop in heat transfer rate followed by a rise of
the same amplitude and duration, while the measured data
show a slight drop followed by a more significant and longer
rise. The 16-bar data (Fig. 23) agree well with the prediction
(Fig. 24). The amplitude of the fluctuations is very close, while
many of the individual flow phenomena can be clearly iden-
tified in both traces.

The data taken at the leading edge and those predicted from
the relevant pressure signal are shown in Figs. 25 and 26. The
two peaks in heat transfer rate associated with the shock wave
and the drop caused by the expansion wave between them are
well predicted. The later peak in the measured data caused by
the wake is not modeled, and so does not appear in the pre-
dicted data.

Conclusions

Short-duration, positive and negative pulses of heat transfer
rate on the surface of a turbine blade have been observed in
a shock wave passing simulation experiment. It was shown
that these can be due to the reflection of shock waves attached
to the trailing edge of an upstream nozzle guide vane. A simple
theoretical model enables these pulses to be predicted from
surface pressure fluctuations.

Five mechanisms leading to unsteady fluctuations in rotor
blade surface heat transfer rate have now been identified in
the program of wake and shock wave passing simulation in
the Oxford Isentropic Light Piston Cascade Tunnel:

() Nonperiodic boundary layer transition associated with
turbulent spots due to boundary layer instabilities and free-
stream turbulence.
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TIME (mS)
Fig. 21 Predicted unsteady surface heat transfer rate calculated from
unsteady surface pressure data (Fig. 8(if)) measured at MP 19; low My,
= 0.73; 2 bars

HEAT TRANSFER (¥/zd
201

1
0.0 1.0 2.0 3.0 4,0
TIME (mS)

Fig. 22 Unsteady heat transfer rate (Fig. 8(/)) measured at MP 19; low
Myet = 0.73; 2 bars; fiitered to 30 kHz bandwidth

HEAT TRANSFER GoW/md
200

0

0.0 L0 20
TIME (mS)

Fig. 23 Predicted unsteady surface heat transfer rate caiculated from
unsteady surface pressure data (Fig. 5(i/)) measured at MP 19 at design
condition; My, = 1.13; 16 bars

(i) Periodic tripping of the boundary layer by the upstream
NGV wakes leading to large unsteady increases of heat transfer
rate.

({ify Transient separations on either surface excited by the
passage of NGV shock waves past the blade leading edge. These
separations convect along the surface and subsequently col-
lapse to form a moving turbulent band of increased heat trans-
fer rate.

(iv) Rapid adiabatic compressive heating and cooling of
the boundary layer by reflected NGV shock and expansion
waves leading to short-duration pulses of heat conduction be-
tween the blade surface and the gas immediately next to the
surface.

(v) Compression and expansion of the embedded time mean
temperature gradient profile in the boundary layer giving rise
to modulations of the heat transfer rate by the surface pres-
sures.

The final mechanism, at least in terms of the Binear heat
conduction theory proposed here, will not lead to any change
in the mean heat transfer rate to the turbine blade surface.
However, the observed fluctuations (Fig. 7) in heat transfer
rate have peak-to-peak amplitudes of up to five times the mean
level. Consequently, the unsteady temperature gradients in the
blade near the surface will be up to five times the mean gradient.
This may make a significant contribution to destructive thermal
fatigue in the surfaces of thermal barrier coatings (TBC) or
ceramic blades, where the blade surface material has a lower

thermal conductivity and thermal product A/ (ock) than a metal
surface.
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HEAT TRANSFER (ki/m2)
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Fig. 24 Unsteady heat transfer rate (Fig. 5(i})) measured at MP 19 at
design condition; M, = 1.13; 16 bars; filtered to 30 kHz bandwidth
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Fig. 25 Predicted unsteady surface heat transfer rate calculated from
unsteady surface pressure data (Fig. 9(i)) measured at MP 1; leading
edge; My, = 1.13; 2 bars
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Fig. 26 Unsteady heat transfer rate (Fig. 9()) measured at MP 1 leading
edge; M,,,, = 1.13; 2 bars; filtered to 30 kHz bandwidth

Although all five unsteady heat transfer mechanisms listed
above are more easily identified in the two-bar, widely spaced
NGV simulation, they can nevertheless be seen in the 16-bar
case. It is likely that they will be identified in rotating stage
experiments, as wide-bandwidth heat transfer and pressure
measurements from rotating turbine blades become available.

Further work needs to be undertaken in order to refine the
models identified here and to confirm that they are applicable
to the stator-rotor interaction in rotating turbomachinery. The
authors await with interest detailed time-resolved heat transfer
measurements from the fully rotating experiments mentioned
in the introduction.
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Heat Transfer, Pressure Drop, and
Mass Flow Rate in Pin Fin
Channels With Long and Short
Trailing Edge Ejection Holes

S. C. Lau
Associate Professor. Experiments have been conducted to study the turbulent heat transfer and friction
Mem. ASME characteristics in pin fin channels with small trailing edge ejection holes that are
commonly found in modern internally cooled turbine airfoils. The main objective of
the investigation is to examine the effects of varying the length and the configuration
J. C. Han of the trailing edge ejection holes on the overall heat transfer, the overall pressure
Professor. drop, the local pressure distribution, and the local mass flow rate distribution in the
Mem. ASME pin fin channel. The staggered pin fin array (L/D = 1.0, X/D = S/D = 2.5) in the
test channel has 15 rows of three pins. The diameter of the ejection holes is one-half
T. Batten the diameter of the pins. There are 30 or 23 ejection holes on one of the side walls of

the test channel and six similar ejection holes at the radial flow exit. Experimental
results are obtained for two irailing edge ejection hole lengths, four ejection hole
configurations, and Reynolds numbers between 10,000 and 60,000. The results show
that the overall heat transfer increases when the length of the trailing edge ejection
holes is increased and when the trailing edge ejection holes are configured so that
much of the cooling air is forced to flow farther downstream in the radial flow direc-
tion before exiting the pin fin channel through ejection holes. The overall Nusselt
number can be correlated with an equation of the form Nup = a(Rep)®, where the
values of the exponent b are about the same for all the test cases with trailing edge
Slow ejection. Results also show that the increase in the overall heat transfer is
generally accompanied by an increase in the overall pressure drop (that is, an in-
crease in the required pumping power), except that the overall heat transfer is lower
and the overall pressure drop is higher when there is no radial flow ejection. In the
cases with both radial and trailing edge flow ejection, about 15 to 20 percent of the
flow exits through the tip bleed holes.

Research Assistant.

Department of Mechanical Engineering,
Texas A&M University,
College Station, TX 77843-3123

Introduction

The tail region of a typical airfoil in modern gas turbine
engines is cooled by forcing cooling air through an internal pin
fin channel located near the trailing edge of the airfoil. The
cooling air enters the pin fin channel at the base of the airfoil.
Most of the cooling air exits the pin fin channel through small
ejection holes along the trailing edge of the airfoil.

For aerospace applications, there are typically ten to fifteen
rows of staggered pins of length-to-diameter ratio of about
one in the pin fin cooling channel. In general, there are many
ejection holes, whose diameter is small compared to the
dimensions of the pin fin channel. In addition, there are small
holes at the tip of the airfoil for the cooling air to exit the pin
fin channel in the radial flow direction. To maximize the effi-
ciency of a gas turbine engine and to ensure its safe operation,
a designer needs to know the heat transfer and friction

Contributed by the International Gas Turbine Institute and presented at the
33rd International Gas Turbine and Aeroengine Congress and Exhibition,
Amsterdam, The Netherlands, June 5-9, 1988. Manuscript received at ASME
Headquarters February 11, 1988. Paper No. 88-GT-42.
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characteristics of air flow through such pin fin channels of
various configurations.

Heat transfer for the flow of air straight through short pin
fin channels has been studied by Brown et al. (1980), Van-
Fossen (1982), Brigham and VanFossen (1984), Metzger and
Haley (1982), Metzger et al. (1982, 1986), and Lau et al.
(1985). Lau et al. (1987) conducted experiments to
demonstrate that, when there was flow exiting a pin fin chan-
nel through lateral (trailing edge) ejection holes, the gradually
decreasing mass flow in the channel and the turning of the air
stream in the channel affected significantly the overall heat
transfer from the pin fin channel. They presented results for
various ejection hole/slot geometries, ratios of the ejection
flow rate to the total mass flow rate between 0 and 100 per-
cent, and Reynolds numbers between 6000 and 60,000.

The present experimental investigation is motivated by the
need to understand better the effects of varying the length and
the configuration of the ejection holes on the heat transfer,
pressure drop, and mass flow distribution for the flow of cool-
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ing air through pin fin channels in turbine airfoils with ejec-
tion holes along the trailing edges.

In the present investigation, the aforementioned pin fin
cooling passages in modern turbine airfoils are modeled as a
wide rectangular channel with a staggered array of short pin
fins spanning the space between the two principal walls, and
small ejection holes in one of the two side walls and at the
straight (radial) flow exit. The overall heat transfer, the
overall pressure drop across the pin fin channel, the local
pressure distribution, and the mass flow rate distribution in
the channel are obtained for various ejection hole configura-
tions, long and short lateral (trailing edge) ejection holes, and
Reynolds numbers typical of gas turbine airfoil applications.

Experimental Apparatus

The test apparatus was an open flow loop consisting of the
test section, an entrance section, and an orifice flow meter.
Clean, dry air was supplied from a building compressor rated
at 1.0 MPa (150 psia) and 34.0 m3/min. (1200 SCFM). Before
entering the flow loop, the air passed through a large storage
tank, a flow regulator, and control valves. Air exited the test
apparatus into the air-conditioned laboratory.

The test section was a pin fin channel made entirely of cop-
per. A schematic of the test section is shown in Fig. 1. The
flow cross section of the test channel measured 6.35 mm (0.25
in.) by 5.56 cm (2.19 in.). The pins were 6.35 mm (0.25 in.)
long and 6.35 mm (0.25 in.) in diameter (L/D = 1.0). They
were staggered in the test channel with spacings of 2.5 times
the pin diameter in both the straight (radial) flow and the
lateral (trailing edge) flow directions (X/D = S/D = 2.5).
There were three pins on each row and 15 rows of pins.

The top and bottom walls of the test section were both 6.35
mm (0.25 in.) thick. As shown in Fig. 1, one of the side walls
was solid and the other had an array of 30, equally spaced,
trailing edge ejection holes. These ejection holes were 3.18 mm
(0.125 in.) in diameter and were located halfway between the
top and bottom walls. The center of every other hole was
aligned with the centers of the three pins on a pin row. The
length of the ejection holes (which was also the thickness of
the side wall with the ejection holes) was either 3.97 cm (1.56
in.) or 6.35 mm (0.25 in.), corresponding to length-to-
diameter ratios L*/d of 12.5 and 2.0.

END VIEW OF
TEST SBCTION

RADIAL BEJECTION HOLES

CUTAWAY VIEW CF
TEST SECTION STAGGERED PIN FIN

ENTRANCE SECTION
—_— ARRAY, L/D = 1,

7 PRESSURE TAPS X/D = 8/D = 2.5  0.5X CENTER-TO-CENTER
[ 2% CENTER-TO-CENTER
e SRR
] o] o] (o] o [e] o] H
™M 0" 0”0 0 0o 0 o0 B>
AIR..)looooooooooooooo; AIR
ouT
m .): o 0 0 0 0 0 0 0O H>
| [e] o (e} o] (o] O o] =
i
ol
' I
|
] AIR I
QUT TRAILING EDGE AIR
|——ALIGWMENT EJECTION HOLES
%] RODS wja=1250r2 X
SIDE VIEW OF TEST SECTION {_ HEATER
g =8| cooccccoescopcencnce0c00000000 }-}Amou'r

pu}
}—'——» x I
L nrarer
TRATLING EDGE

EJBECTION HOLES
0.5X CENTER-TO-CENTER

Fig. 1 Schematic of test section

Electric heaters (heater wires vulcanized between thin layers
of fiberglass-reinforced silicone rubber) were attached to the
exterior surfaces of the top and bottom walls to supply heat to
the test section. The heaters, rated at 0.78 W/cm? (5.0
W/in.?), covered the entire top and bottom surfaces of the test
section.

The radial flow exit of the test channel was a 6.35 mm (0.25
in.) thick blockage with an array of six equally spaced holes
3.18 mm (0.125 in.) in diameter. As in the case of the trailing
edge ejection holes, these holes were located halfway between
the top and bottom walls. In one of the test section geometries
studied, the radial flow exit blockage was removed, and the
wide open cross section of the radial flow exit was identical to
the inlet flow cross section.

The test section was fabricated with precision. All of its
dimensions were accurate to within +0.05 mm (£0.002 in.).
The pins were press fitted into holes drilled through the top
and bottom walls of the test channel. Solder sealed the gap
between the holes and the pins and was used to assemble the
channel walls and the radial flow exit blockage.

The entrance section was made of 6.35 mm (0.25 in.) thick
acrylic sheets and reinforced on the outside with 2.54 em (1.0
in.) thick hard wood. The entrance channel had the same flow
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n = total number of trailing edge and radial ejec-
tion holes
N = number of pin rows
Nup = Nusselt number, equation (1)
Pexir = €jection hole exit pressure, N/m?
Piocar = local pressure in pin fin channel, N/m?

P; = normalized local pressure, equation (6)

g;» = total power input to heaters, W
Qioss = Tate of heat loss through insulation, W
Rep = Reynolds number, equation (4)
_§ = pin spacing in trailing edge flow direction, m
7,, = average channel wall temperature, K
T, = inlet bulk temperature, K
Ty, = outlet bulk temperature, equation (3), K
Unax = Velocity of air at minimum flow cross section in
pin fin channel, m/s
x = distance from channel entrance, m
X = pin spacing in radial flow direction, m
AT, = log mean temperature difference, equation 2),
K
p = dynamic viscosity of air at average bulk
temperature, Ne»s/m?
p = density of air at average bulk temperature,

kg/m3
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Table 1 Test section configurations
| | Exit Hole Configuration
Test | I
Case | L*/a |  Radial Flow | Trailing Edge

| | Exit | Ejection Flow Exit
| | [
| | |

1 2.0 | Wide Open | Blocked*
| | |

2 | 2.0 | 6 Holes [ 30 Holes
| ! |

3 2.0 f Blocked* | 30 Holes
| ! |

4 | 2.0 | 6 Holes | 23 Holes**
| | !

5 | 2.0 | Blocked* | 23 Holes**
| | |

6 | 12.5 i 6 Holes | 30 Holes
[ | |

7 | 12.5 | Blocked* | 30 Holes
| | |

8 | 12.5 | 6 Holes | 23 Holes**
| | |

9 | 12.5 | Blocked* | 23 Holeg**
! I J

* Holes were plugged with wooden dowels and sealed
with silicone rubber sealant.

** Pirst seven even-numbered holes from the test
section entrance were plugged with wooden dowels and
sealed with silicone rubber sealant.

cross section as that of the test channel and was 30.5 cm (12.0
in.) long to ensure that the flow of air was fully developed at
the inlet of the test pin fin channel. At the upstream end of the
entrance channel, air was supplied through a standard 5.08 cm
(2 in.) pipe elbow attached to the top of the entrance channel.

As shown in Fig. 1, the test section was mated to the en-
trance channel by inserting 1.27 ¢cm (0.5 in.) of the test section
into an inset at the downstream end of the entrance section.
Four long rods of 3.18 mm (0.125 in.) in diameter were in-
serted through aligned holes drilled through the hard wood
and the top and bottom walls on both sides of the flow chan-
nel to hold the test section in place. These rods did not block
the flow entrance, as shown in Fig, 1. Silicone rubber sealant
prevented air leakage at the joint.

The test section and the entrance section were heavily in-
sulated. At the radial flow and trailing edge ejection flow ex-
its, there were openings in the fiberglass insulation for the air
to leave the test section and for maintaining the two exits at at-
mospheric pressure.

Instrumentation

The rate of mass flow through the test section was measured
with a calibrated 5.08 cm (2.0 in.) orifice flow meter with a
square-edged 2.54 ¢cm (1.0 in.) orifice and flange taps. The
pressure drop across the orifice and the pressure upstream of
the orifice with respect to the atmospheric pressure were
measured with mercury and oil manometers.

Twenty-eight 36-gage copper-constantan thermocouples
with Teflon insulation measured the channel wall
temperatures. Twenty-four of the thermocouples were in-
stalled in a regular inline 6 X 4 array of small holes in the top
wall. The spacings between adjacent holes were 5.08 cm (2.0
in.) and 2.54 c¢m (1.0 in.) in the radial and trailing edge flow
directions, respectively. Four other thermocouples were
embedded in the bottom wall to check for symmetry in heating
the top and bottom walls. To ensure good contact between
each thermocouple junction and the channel wall, the ther-
mocouple was held in place with epoxy in shallow grooves on
the outside surface of the wall, with the thermocouple junc-

118/Vol. 111, APRIL 1989

TOTATAT TOITTEINIT
[sENelNe] c O 0 o 00 [olEeaNe]
O 0 O o 0 0 c o 0 0O 0 o
o 0O o 00 0O 00 c 0O
o O 0 [e3ReRNe] O 0 0 O 0 0
[s BN eaNe] 0 co [elNeNe) 0O 00
0O 0 0o O 0 0 [olNe N s) 0 0o
[sRNoRNe) [eRNo N ) o 0o O 0 0
o O 0 G O O 0O 0 0 O 00
O o0 O 0 O c © O ©c O C
[sBNelNe) 0 0 0 o 0 0 0 00
o Q0 o 0 0 0O 0 O 0o 00
o o0 [e e RN} (el e Ie) 0 00
C O O o 0 0 0 0 o 0O 00
[sReRNe] [o BN s Ne) O 0 O O 00
[o NN e} o 0o O 0 O o 0 0
44 AAd Add L4d
CASE 1 CASE 6 CASE 7 CASE 8

Fig. 2 Four typical ejection hole configurations

tion in contact with the bottom of the hole. The hole was then
filled with paint made of pure silver.

Two thermocouples measured the inlet air temperatures;
four other thermocouples measured the air temperatures at the
radial flow exit and the trailing edge ejection exit; and two
thermocouples measured the room temperature.

The outputs of all 36 thermocouples were recorded with an
Omega Model OM-205 data logger. The total power input to
the two heaters was controlled with a variable transformer.
The voltage drop across the heaters and the current through
the heaters were measured with two Hewlett Packard Model
3478A 5 1/2-digit TRMS multimeters.

Eight static pressure taps were installed on the test channel,
one immediately upstream of the test section and seven along
the solid side wall halfway between adjacent odd-numbered
and even-numbered pin rows (at x/X = 2.0, 4.0, 6.0, . . .,
12.0, and 14.0). The overall pressure drop across the test sec-
tion and the local pressures along the solid side wall with
respect to the ejection hole exit pressure were measured with
one of several oil or mercury manometers, depending on the
measurement range.

Experimental Procedure

Experiments were conducted for Reynolds numbers be-
tween 10,000 and 60,000, two trailing edge ejection hole
length-to-diameter ratios of 2.0 and 12.5, and four exit hole
configurations, as shown in Table 1. Four of the test section
exit hole configurations are illustrated in Fig. 2.

A typical experiment lasted two hours. After compressed air
flowed through the test section at a predetermined rate, the
test section was heated. Power input to the heaters was ad-
justed by monitoring the typical temperatures in the channel
walls until the wall-inlet temperature difference was about
25°C (45°F). The system attained steady state in about an
hour and a half, during which the atmospheric pressure, the
pressure drop across the orifice, and the power input to the
heaters were monitored periodically.

After the system attained steady state, the atmospheric
pressure, the pressure drop across the orifice, and the gage
pressures upstream of the orifice and at taps on the test section
were recorded. A printout of all the thermocouple readings
was then obtained and the power input to the heaters
recorded.

Preliminary experiments were conducted to determine the
heat loss through the insulation. Before each of the test runs,
the system was checked for possible air leakage. For most of
the test section configurations studied, it was necessary to plug
some of the ejection holes with wooden dowels and seal them
with silicon rubber sealant before the test run.,

The same test section was used for the long trailing edge
ejection hole study and the short ejection hole study. After
completion of the long ejection hole test runs (test cases 6
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through 9), a 3.33 cm (1.31 in.) wide section of the side wall
with the trailing edge ejection holes was cut off on a mill. The
test section was then used in the short ejection hole ex-
periments (test cases 1 through 5).

Reduction of Data

The overall Nusselt number is calculated as
NuD = { [((iin - q‘loss)/A]/AT[m } (D/k) (1)

where g,, is the total power input to the two heaters and is the
product of the measured voltage and-current. The rate of heat
1088, §1os5» tO the surroundings is determined from the relation-
ship between the steady-state power input to the heaters under
no flow conditions and the heater-room temperature dif-
ference, which is obtained from preliminary experiments. The
total heat transfer area A includes the exposed surface areas of
the top and bottom walls, the pins, the side walls, the radial
flow exit blockage, and the ejection holes. The values of A are
different for the various test section configurations and, thus,
the various cases studied.
The log mean temperature difference, AT, is defined as

ATlm = [(Tw - Tbi) —( 7_—'w - Tbo)]
/[T, — Ty)/ (T, — Tpy)1) 2)
where the average wall temperature T, is the overall average

of the measured wall temperatures, and the nominal outlet air
temperature T, is evaluated as

Tyo = Tpi + (Gin — Gross)/ (11C,) (3)
For all of the test runs, the calculated nominal outlet air
temperature is comparable to the average of the measured
outlet air temperatures.

The Reynolds number is defined in terms of the pin
diameter and the air velocity at the minimum flow cross sec-
tion in the pin fin channel

Rep = Pl D/ = 1D/ (Ainit) @)

The total pressure drop across the test section and the local
pressure in the test section with respect to the ejection hole exit
pressure (equal to the atmospheric pressure in the ex-
periments) are normalized by the dynamic pressure based on

Upax- The former is defined as the overall friction factor f.

Thus
S= (Pintet _pexit)/[(l/z)»ou%ax[v]
=2 (Dintet — Pexit)0 (Amin/1)*/N &)

where N is the number of pin rows in the test section. The nor-
malized relative local pressure is defined as

pj= (Procal _pexit)/[(l/z)purznax]\’]
=2 (plocal —pexit)p (Amin/'h)z/N (6)

The rate of mass flow through each trailing edge ejection
hole is estimated as

;= CpA;[20 (Procal — Pexit)] 172 )

where Cj, is a discharge coefficient and A; is the flow cross-
sectional area of the ejection hole. The sum of the rates of
mass flow through all the ejection holes is equal to the rate of
total mass flow through the pin fin channel, 7. If the value of
Cj, does not change significantly from one ejection hole to
another, it can be shown that

= Py [Z‘,l L) ®)

The ratio of the radial mass flow rate to the total mass flow
rate is then given as

J
i /i=1- Y i/t ©)

i=1
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where Lr,;/m is the sum of the rates of mass flow through the
trailing edge ejection holes located upstream of the station at
which the value of m, /1 is to be calculated.

In all of the above equations, the properties of the flowing
air are evaluated at the average bulk temperature.

The pressure drop across the orifice in the flow meter never
fluctuated more than 1.5 percent during any of the test runs.
Since the orifice flow meter is rated at = 1.0 percent accuracy,
the uncertainty of the total mass flow rate through the test sec-
tion is estimated to be less than +1.8 percent. Based on the
tolerance of all the dimensions of the test section, the uncer-
tainties of 4 and D are estimated to be both 0.8 percent. Us-
ing equation (4), estimated uncertainties of +2.0 percent for
the properties of air, and the uncertainty estimation method of
Kline and McClintock (1953), the maximum uncertainty of the
calculated Reynolds number is +2.9 percent.

The total power input to the heaters varied by no more than
+4.0 percent during any experiment. The estimated rate of
heat loss through the insulation is always less than 3.0 percent
of the total power input to the heaters (much less for high
Reynolds number runs). Even if the estimated heat loss rate
(based on the results of preliminary experiments under no flow
conditions) were accurate to only =30 percent, the uncertain-
ty of g, would still be less than + 1.0 percent. Therefore, the
uncertainty of the actual power input to the heaters is about
+ 5.0 percent. Using equation (1), a conservatively estimated
uncertainty of + 8.0 percent for the evaluation of the log mean
temperature difference results in an uncertainty of £9.7 per-
cent in the calculated overall Nusselt number.

Similarly, with the method of Kline and McClintock (1953),
the normalized pressure drops have an uncertainty of +4.7
percent.

Presentation of Results

In Figs. 3 through 5, the overall Nusselt number is plotted as
a function of the flow Reynolds number for the various cases
studied. In each of the test cases, data are obtained for at least
five different Reynolds numbers ranging from about 10,000 to
60,000.

Attention is first focused on the heat transfer results of test
case 1 in Fig. 3. In test case 1, the cooling air is forced to flow
straight (radially) through the pin fin channel and there is no
lateral (trailing edge) ejection of the cooling air. Also shown in
Fig. 3, for comparison, are the Nusselt number-Reynolds
number correlations based on the published data of Metzger et
al. (1982) and Lau et al. (1987).

In Fig. 3, it is evident that all the data points of test case 1
fall on a straight line. Thus, the Nusselt number is a power
function of Reynolds number (that is, Nuy = a(Rep)?, where
a and b are constants). The slope of the curve fit line,
however, is very different from those based on the correlations
from the aforementioned earlier studies. At Re = 10,000 and
60,000, the present data of test case 1 are about 11.5 percent
higher and 34 percent lower, respectively, than those of
Metzger et al. (1982).

The deviation of the present data from the earlier correla-
tions is believed to be due to the geometry of the test section in
the present investigation being very different from those in the
two earlier studies. Although the staggered pin arrangement of
L/D = 1.0 and X/D = S/D = 2.5 is the same in all three
studies, the test section of Metzger et al. (1982) had ten rows
of ten pins and a 25:1 flow cross section; that of test case G in
Lau et al. (1987) had eight rows of four pins and an 11.25:1
flow cross section. The test section in the present investigation
has 15 rows of three pins and a 8.75:1 flow cross section. It ap-
pears that, for the same pin configuration, varying the channel
geometry significantly affects the heat transfer characteristics
of the flow of air in a pin fin channel. The low overall heat
transfer coefficient in test case 1 over most of the Reynolds
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Fig. 3 Overall heat transfer, case 1

number range of interest is attributed largely to the large
number of pin rows (15 rows) used in the present investiga-
tion. Metzger et al. (1982) demonstrated that the row-averaged
Nusselt number decreases with increasing distance from the
channel entrance after an initial increase.

To ensure that the deviation of the data in test case 1 from
the results of the previous studies was not due to human er-
rors, three of the five original test runs were repeated. Before
the additional test runs were carried out, the test apparatus
was taken apart and reassembled, the thermocouples and all
instrumentations were inspected, and all joints along the flow
loop were checked for air leakage. Furthermore, the three ad-
ditional tests were conducted with power input different from
that in the earlier runs.

The results of the three additional test runs are plotted with
those of the original test runs. Figure 3 shows that the addi-
tional test data are consistent with data from the original five
test runs.

Hole Geometry Effect. The heat transfer results of test
cases 2 through 5 and test cases 6 through 9 are presented
separately in Figs. 4(a) and 4(b). In test cases 2 through 5, the
length-to-diameter ratio of the trailing edge ejection holes,
L*/d, is 2.0. In test cases 6 through 9, the corresponding ratio
is 12.5. Test cases 2 through 5 and 6 through 9 differ in the
configuration of the radial flow exit blockage (six tip bleed
holes or no radial flow exit) and the configuration of the trail-
ing edge ejection holes (30 equally spaced holes or 23 holes
with the eight holes near the channel entrance spaced twice the
distance between adjacent holes farther away from the chan-
nel entrance).

In Fig. 4(a), all the data fall on parallel straight lines. The
deviation of a few of the data points from the straight lines is
within the uncertainty of the data. These lines are all lower
and have-a steeper slope than that of the curve fit line through
the data of test case 1, which is included in the figure for com-
parison. The gradual convergence of the curve fit line for test
case 1 (for radial flow only) and the parallel curve fit lines for
other test cases (for flow through both trailing edge ejection
holes and holes at the radial flow exit) with increasing
Reynolds number is similar to the trend exhibited in the results
of Lau et al. (1987).

When all the cooling air is forced to exit through the trailing
edge ejection holes (test case 3), the overall Nusselt number is
about 6 percent lower than that in test case 2, in which the
cooling air exits the test channel through both trailing edge
and radial flow ejection holes. Lau et al. (1987) showed that
the overall heat transfer in a pin fin channel decreases with in-
creasing ejection ratio (defined as the rate of mass flow
through the trailing edge ejection holes divided by the rate of
the total mass flow through the channel). It is clear that the
trend of the results of the present investigation also shows
that, with only a portion of the total mass flow through the
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Fig. 4 Overall heat transfer: (a) L*/d = 2; (b) L*/d = 12.5
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Fig. 5 Overall heat transfer: (a) 30 trailing edge ejection holes; (b) 23
trailing edge ejection holes

trailing edge ejection holes, the overall heat transfer is higher
than that in the corresponding case of total mass flow through
the trailing edge ejection holes (that is, no radial flow
ejection).

Since the Nusselt numbers in test cases 2 and 3 differ only
slightly, the ejection ratio in test case 2 is believed to be quite
large. That is, the portion of the total air flow through the
radial flow exit in test case 2 is relatively small. It will be
shown shortly that the ejection ratio in test case 2 is about
0.85, regardless of the flow Reynolds number, over the range
of Reynolds number studied. Since a fluid finds the path of
least resistance, most of the flow exits the test channel through
the trailing edge ejection holes. During test runs, the velocities
of the air flow through the holes near the channel entrance
were much higher than those through holes farther from the
channel entrance.
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Table 2 Values of coefficient and exponent in equation (10)

Test Case } a ; b
| |
1 | 1.1586 | 0.4335
2 f 0.2184 { 0.5642
3 } 0.2056 { 0.5642
4 : 0.2643 { 0.5642
5 } 0.2497 : 0.5642
6 { 0.2908 { 0.5642
7 { 0.2761 : 0.5642
8 { 0.3378 } 0.5642
9 E 0.3201 5 0.5642

When seven of the thirty trailing edge ejection holes near the
channel entrance are plugged with wooden dowels, more air
must flow farther downstream in the radial flow direction
before exiting the test channel. The test results show that the
overall heat transfer in test case 4 with seven ejection holes
blocked is about 21 percent higher than that in test case 2.
When there is no radial flow exit (test case 5), the Nusselt
number is again lowered by about 6 percent. Thus, the Nusselt
number for test case 5 is also about 21 percent higher than that
for test case 3. It can be concluded that the pin fin channel
geometry that forces more cooling air to flow farther
downstream in the radial flow direction before exiting the test
section provides better overall cooling of the test channel.

Figure 4(b) shows that the results of test cases 6 through 9
are very similar to those in Fig. 4(@). The data points fall on
parallel straight lines, with the same slope as the curve fit lines
in Fig. 4(a). At any given Reynolds number, the Nusselt
numbers in test cases 7 and 9 are about 5 percent lower than
those in test cases 6 and 8, respectively. Again, the effect of no
radial flow exit is the lowering of the overall heat transfer of
the pin fin channel. When seven of the trailing edge ejection
holes near the channel entrance are blocked (test cases 8 and
9), the Nusselt number is increased by about 16 percent.

Hole Length Effect. To examine the effect of varying the
length of the trailing edge ejection holes on the overall heat
transfer, the experimental results of test cases 2, 3, 6, and 7
and test cases 4, 5, 8, and 9 are replotted separately in Figs.
5(a) and 5(b). In both figures, the long ejection hole data are
higher than the corresponding short ejection hole data. When
the cooling air flows through all 30 equally spaced trailing
edge ejection holes on the test channel, the long ejection hole
data (test cases 6 and 7) are about 33 to 34 percent higher than
the corresponding short ejection hole data (test cases 2 and 3).
Increasing the length of the ejection holes forces the cooling
air to flow through long holes of small diameter at high
speeds, which enhances the overall heat transfer of the
channel.

In Fig. 5(b), the long and short ejection hole data are
presented for test cases 4, 5, 8, and 9. In these cases, seven of
the thirty trailing edge ejection holes near the pin fin channel
entrance are blocked. Again, the Nusselt numbers for the long
ejection hole cases are higher than those for the corresponding
short ejection hole cases. It will become evident shortly,
however, that the pumping power must be increased with the
increase in the ejection hole length and the aforementioned
trailing edge ejection hole arrangement (typically with fewer
ejection holes near the channel entrance and more holes
farther away from the entrance).
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Fig. 6 Overall friction factor

Since all the heat transfer data fall on straight lines, they can
be correlated with the equation

Nup, = a(Rep)? (10)

In test case 1, the values of the coefficient @ and the exponent
b are 1.1586 and 0.4335, respectively. Since all the data of test
cases 2 through 9 follow parallel straight lines, the values of
the exponent b are the same in all of the cases. Table 2 lists the
values of the coefficient ¢ and the exponent b for all the cases
studied.

Overall Pressure Drop and Local Pressure. In Fig. 6, the
overall friction factors for all the test cases are plotted versus
the Reynolds number. The results for the L*/d = 2.0 cases
(test cases 1 through 5) are displayed on the top half of Fig. 6;
those for the L*/d = 12.5 cases (test cases 6 through 9) are
presented on the bottom half of the figure. In general, the
overall friction factor decreases slightly with increasing
Reynolds number. In test case 1, there is no trailing edge ejec-
tion hole. The cooling air is forced to flow past the 15 rows of
pins and exit through the wide opened radial flow exit. The ex-
perimental results show that the pressure drop across the test
channel in test case 1 is higher than that in all other cases.

Comparing the results for test cases 2 through 5 shows that
blocking the radial flow exit and/or blocking some of the trail-
ing edge ejection holes near the channel entrance increase(s)
the overall channel pressure drop. The L*/d = 12.5 data (test
cases 6 through 9) exhibit similar trends, as the overall friction
factor is the lowest for test case 6 and the highest for test case
9. When straight lines are fitted through the data points in Fig.
6, the lines through the points for test cases 2 through 9 are all
about parallel.

When the overall friction factors for the L*/d = 2.0 cases
are compared with those for the corresponding L*/d = 12.5
cases (for the same ejection hole configuration), the short ejec-
tion hole data are always the lower. Thus, increasing the
length of the trailing edge ejection holes also increases the
overall channel pressure drop.

From Figs. 4 and 6, it is evident that the increase in the
overall heat transfer is generally accompanied by an increase
in the overall pressure drop (that is, an increase in the required
pumping power), except that the overall heat transfer is lower
and the overall pressure drop is higher when the radial flow
exit is blocked.

Typical local pressure data are presented in Figs. 7(a) and
7(b). The normalized local pressure (defined in equation (6)) is
plotted as a function of the dimensionless distance from the
channel entrance, x/X, for Re = 25,000, and for the L*/d =
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Fig. 7 Local pressure drop, Rep = 25,000: (a) cases 1 through 5; (b)
cases 6 through 9
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Fig. 8 Trailing edge ejection mass flow rate per two pin rows

2.0 cases and the L*/d = 12.5 cases, respectively. The seven
pressure taps are installed along the solid side wall at x/X =
2.0, 4.0, 6.0, , 12.0, and 14.0 (every two times the pin
spacing in the radial flow direction) midway between adjacent
pin rows at x/X = 1.5, 2.5, 3.5, , 14.5, and 15.5,

In all test cases, the local pressure decreases monotonically
with increasing distance from the channel entrance. The slopes
of the pressure distributions increase gradually with increasing
values of x/X. In test case 1, with no trailing edge ejection
flow, the local pressure decreases much faster than all other
test cases with increasing values of x/X.

The local pressure distributions in Figs. 7(a) and 7(b) show
that the local pressures are higher when all of the cooling air is
forced to exit through the trailing edge ejection holes (by
blocking the radial flow exit) and/or when more of the cooling
air is forced to flow downstream in the radial flow direction
before exiting the channel through the trailing edge ejection
holes (by blocking some of the trailing edge ejection holes near
the channel entrance). Comparing the local pressure distribu-
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tions in Figs. 7(a) and 7(b) shows that the local pressures in the
channel are higher in the long ejection hole cases than in the
corresponding short ejection hole cases.

The local pressure distributions for other Reynolds numbers
are similar to those shown in Fig. 7. The normalized local
pressures are generally higher at low Reynolds numbers and
lower at high Reynolds numbers.

Local Mass Flow Rate. The ratio of the rate of mass flow
through a trailing edge ejection hole to the total mass flow
rate, m;/m, is calculated with equation (8) from the measured
relative local pressure. The local pressure is measured at seven
pressure taps on the solid side wall of the channel. Subsequent
pressure measurement experiments using an acrylic
geometrically similar test section (twice the size of the copper
test section) with many pressure taps show that there is negligi-
ble pressure drop in the lateral (trailing edge) flow direction in
the test pin fin channel. The supplementary pressure ex-
periments also show that the Jocal pressure drops
monotonically in the radial flow direction as shown in Fig. 7.

In Figs. 8(a) and 8(b), the rate of mass flow through trailing
edge ejection holes per two pin rows is plotted versus the
distance from the channel entrance, in the cases of 30 and 23
trailing edge ejection holes, respectively. Results are presented
for Rep, = 10,000 (darkened symbols) and Rep, = 60,000
(open symbols).

Figure 8(@) shows that the rate of mass flow through trailing
edge ejection holes (per two pin rows) is generally high near
the channel entrance and low further away from the channel
entrance. The ejection mass flow rate is higher when the radial
flow exit is blocked (test cases 3 and 7) than when a portion of
the flowing air is allowed to exit radially through six tip bleed
holes (test cases 2 and 6). The effect of varying the flow
Reynolds number is that, at higher Reynolds numbers, the
ejection mass flow rate is lower near the channel entrance and
higher farther away from the channel entrance. The inertia of
the flowing air at higher Reynolds numbers pushes more of the
air to flow downstream in the radial direction before exiting
the pin fin channel through trailing edge ejection holes and/or
radial ejection holes.

Increasing the length of the trailing edge ejection holes from
L*/d = 2.0 to L*/d = 12.5 does not appear to affect the
distribution of the trailing edge ejection mass flow rate
significantly. Thus, smooth curves are drawn through data
points for the corresponding long and short ejection hole
cases.

When seven of the trailing edge ejection holes near the chan-
nel entrance are blocked, the mass flow rates through the trail-
ing edge ejection holes farther away from the entrance in-
crease signficantly, as shown in Fig. 8(b). The effects of block-
ing the radial flow exit and varying the flow Reynolds number
and the length of the trailing edge ejection holes on the mass
flow rate distribution are similar to those in the previous cases
with ejection flow through all 30 ejection holes.

Figure 9 shows the local distributions of the ratio of the
radial mass flow rate to the total mass flow rate, m,/m, for
Rep = 10,000, 25,000, and 60,000. In the evaluation of
m,/m, the rates of mass flow through four (or two when seven
of the trailing edge ejection holes are blocked) trailing edge
ejection holes on two adjacent odd-numbered and even-
numbered pin rows are assumed to be the same. The radial
mass flow rate at any radial station, x/X, is then calculated
with equation (9). Since the difference between the radial mass
flow rate distributions for the long and short ejection hole
cases is insignificant, a single symbol is used for corresponding
long and short ejection hole cases.

The m,/m distributions in Fig. 9 show that the radial mass
flow rate remains high in the pin fin channel when séven of the
trailing edge ejection holes near the channel entrance are
blocked and/or when there are six ejection holes at the radial
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Fig.9 Radial mass flow rate in pin fin channel

flow exit. When air is allowed to exit through all 36 trailing
edge and radial ejection holes (test cases 2 and 6), about 15
percent of the flow exits through the radial ejection holes.
That is, the ejection ratio is about 0.85.

In cases 4 and 8, with seven of the trailing edge ejection
holes blocked, about 18 to 20 percent of the flow exits through
the radial ejection holes. Thus, the ejection ratio is about 0.82
to 0.80. The blocking of some of trailing edge ejection holes
forces more flow to exit through the radial ejection holes.

With increasing flow Reynolds number, slightly more flow
exits through the radial ejection holes, in the cases with the
radial flow exit open (test cases 2, 4, 6, and 8). Otherwise, the
effect of varying the flow Reynolds number on the radial mass
flow rate distribution is small.

The distributions of the radial mass flow for the corre-
sponding long and short trailing edge ejection hole cases are
almost identical. The heat transfer in the pin fin channel only
should remain about the same in corresponding long and short
ejection hole cases. Since the overall heat transfer in the long
ejection hole cases is higher than that in the corresponding
short ejection hole cases (Fig. 5), it can be concluded that the
higher overall heat transfer is the result of the higher heat
transfer coefficient for the air flow through the long trailing
edge ejection holes.

Concluding Remarks

An experimental investigation studied the effect of varying
the ejection hole length and configuration on the heat
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transfer, the pressure drop, and the local mass flow rate _for
the flow of air through a pin fin channel with lateral ejection
holes. The following conclusions are drawn:

1 When there is trailing edge flow ejection, the overall
heat transfer is lower than that in the case of only radial flow
through the pin fin channel. Published data on straight flow
through pin fin channels overpredict the overall heat transfer
in pin fin channels with trailing edge flow ejection.

2 The overall heat transfer increases when the trailing edge
ejection holes are configured so that much of the cooling air is
forced to flow downstream in the radial direction before
exiting the channel through trailing edge ejection holes or tip
bleed holes.

3 When the trailing edge ejection holes are long, the
overall heat transfer is higher than that in the corresponding
short ejection hole case. Since the distributions of the local
mass flow rate in the pin fin channel in corresponding long
and short ejection hole cases are about the same, the heat
transfer coefficient in the long trailing edge ejection holes
must be higher than that in the pin fin channel.

4 The increase in the overall heat transfer is generally ac-
companied by an increase in the overall pressure drop (that is,
an increase in the required pumping power), except that the
heat transfer is lower and the pressure drop is higher when
there is no radial flow ejection.

5 The Nusselt number-Reynolds number relationship can
be correlated well with the equation Nuy, = a(Rep)?. The ex-
ponent b in the equation is almost a constant in all of the cases
studied except when there is no trailing edge flow ejection.

6 The overall friction factor decreases slightly with in-
creasing Reynolds number over the range of Reynolds number
studied.

7 In the case of flow ejection through six tip bleed holes
and 30 (or 23) trailing edge ejection holes, about 15 to 20 per-
cent of the flow exits through the tip bleed holes.
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'The Two-Dimensional Behavior of
Film Cooling Jets on Concave
Surfaces

Local impermeable wall effectiveness is measured along a concave surface down-
stream of a row of film cooling jets. Three different injection hole diameters, two
density ratios (0.95 and 2.0), and a wide range of blowing rates (0.3 to 2.7) are
considered. Except close to injection, where normal momentum is strong, an increase
in blowing rate results in improved film cooling performance. This is attributed to
an increase in thermal mass (capacity) of coolant, tangential momentum of the jet,
and blockage. Far downstream of injection, the normal and tangential momentum
weaken, but blockage and large thermal mass at high injection rates still keep
effectiveness high. Lateral mixing of the jets caused by the unstable concave mainfiow
results in film-cooling performance, which correlates well with the same parameter,
which is influential in slot injection on a flat surface. Deviation from this two-
dimensional behavior is found only at very low blowing rates and weak wall cur-
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vature,

Introduction

Film cooling is used extensively to protect gas turbine rotor
blades from hot combustor gases. Although streamwise cur-
vature has a very strong influence on the flows within a turbine
cascade, only sporadic attention has been paid to it when
considering film cooling. Fundamental work on boundary layer
flows (e.g., Bradshaw, 1973) has shown that heat transfer
coefficients and turbulence quantities are greatly affected by
streamline curvature. The presence of centrifugal forces and
a cross-stream pressure gradient can greatly affect the trajec-
tory of a jet along a curved wall, drastically improving or
degrading film cooling effectiveness.

The injection parameters (density ratio, blowing ratio, and
momentum flux ratio) influence film cooling effectiveness.
Their role with flat surface geometries has been the subject of
much study. In curved flows, not as much information is
available. Ito et al. (1978) examined curvature effects for flow
in a turbine cascade. Ko et al. (1984) considered a constant-
radius-of-curvature convex surface. Later Xu et al. (1986)
turned their attention to a concave surface.

Increased injection beyond a very low momentum flux ratio
(usually less than 0.5) on flat or convex surfaces results in a
reduction in effectiveness. The jets tend to lift off the wall
(Ito, 1976; Pedersen et al., 1977). Liftoff is precipitated by the
normal momentum of the jets. Additionally the convex wall
curves away from the jet. Film cooling on a concave surface
is quite different. Except very near the injection holes, an
increase in blowing rate improves the laterally averaged and

Contributed by the International Gas Turbine Institute and presented at the
33rd International Gas Turbine and Aeroengine Congress and Exhibition, Am-
sterdam, The Netherlands, June 5-9, 1988. Manuscript received by the Inter-
national Gas Turbine Institute January 1988. Paper No 88-GT-161.
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centerline effectivenesses on a concave surface (Ito et al., 1978;
Ko et al., 1986).

It was also found that the jets spread more effectively on a
concave surface than a convex (Ko et al., 1986). Studies on
flat surfaces show boundary layer size influences lateral spread-
ing (Goldstein et al., 1984; Kadotani and Goldstein, 1979).

Kacker and Whitelaw (1967) found that a fourfold increase
in boundary layer thickness causes the impermeable wall ef-
fectiveness to decrease by no more than 5 percent over a wide
range of blowing rates for slot injection on a flat surface. The
magnitudes of the effectivenesses compared well with Seban’s
(1960) adiabatic wall effectivenesses for a similar slot design.
Seban found a reduction of no more than 8 percent with a
tenfold increase in boundary layer thickness. Chin et al. (1958)
found similarly small variations with a different slot design.

For single-hole injection, Goldstein et al. (1970) found that
local (centerline) effectiveness can be reduced significantly when
63/D is doubled. Later, Kadotani and Goldstein (1979) found
similar decreases when looking at ejection through a row of
holes. Conversely, they found that midline (z = zp/2) ef-
fectiveness can double with a twofold increase in 6§/D. Injec-
tion into a thick boundary layer slows the jet down, causing
more spreading, thereby flattening lateral profiles of local ef-
fectiveness. The interesting result is that the laterally averaged
effectiveness is relatively unaffected by the change in 6§ Thus,
on flat surfaces, lateral spreading is tied to the size and con-
dition of the mainstream boundary layer at the point of in-
jection while the overall performance is not.

Extending this conclusion to flows affected by curvature,
differences between boundary layers on concave and convex
surfaces may be the cause of the differences in lateral spreading
found by Ko et al. (1986). Taylor-Goertler cells have been
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observed by Tani (1962) along concave walls. These corkscrew-
like flow patterns travel downstream near the concave wall.
There are generally several of them. The cells, of diameter
about the size of the boundary layer thickness, randomly move
above in the spanwise direction, sometimes disappearing and
reappearing (Barlow and Johnston, 1985a, 1985b). These vor-
tices could also promote spreading on a concave surface.

Boundary layer size, incorporated in both the momentum
thickness Reynolds number and the strength of curvature (de-
fined as the displacement thickness divided by the radius of
curvature), has been known to affect heat transfer rates on
curved surfaces (cf. Simon and Moffat, 1981).

There have been no direct studies of the influence of the
boundary layer on film cooling effectiveness for curved flows.
Lander et al. (1972) and Ito et al. (1978), however, found that
altering the Reynolds number based on chord length in turbine
cascade experiments has little influence on the laterally aver-
aged effectiveness. Although no values for displacement thick-
nesses at these Reynolds numbers were given, Reynolds number
independence implies displacement thickness independence.
This is what has been found by others on flat surfaces.

The present study focuses on the influence of strength of
curvature (2r/D) on the impermeable wall effectiveness. As
discussed previously, curved and flat wall studies indicate that
53/D and the condition of the mainstream boundary layer both
have little influence on the laterally averaged, impermeable
wall, or adiabatic wall film-cooling effectiveness. Thus, the
role of 2r/D in film cooling can be determined by designing
a system that will vary the parameters at constant §3/r. This
was done by fixing both the radius of curvature and the bound-
ary displacement thickness at the point of injection for all cases
studied; 2r/D was varied by using different injection hole di-
ameters.

Blowing rate plays a very important role in film cooling. In
the present work a wide range of blowing rates (0.3 to 2.7) is
studied at two density ratios (0.95, simulating isothermal in-
jection, and 2.00, simulating more typical turbine density ra-
tios) for three strengths of curvature (2r/D of about —60,
—90, and — 120).

Apparatus and Procedure

The experimental apparatus (described in detail by Schwarz,
1986) was designed to determine the film-cooling effectiveness
along a concave surface at various locations downstream of

DATA AQUISITION
> AND
! REDUCTION SYSTEM

SAMPLING 45.7cm 50.8 cm ¢
SYSTEM 1103 §™«61.0cm-+{=—100 cm —»
cm tall
¥ FLOW
DIFFUSER| | STRAIGHT-|  FAN
ENER

TEST SECTION

WIND TUNNEL

SCREEN PACK
HONEYCOMB

FILTER
91.4cm x 91.4cm tall

CONTRACTIO

99.1 cm

SECONDARY

58.0 cm
INJECTION

SYSTEM 127cmR

Fig. 1 Experimental apparatus—schematic

injection through a row of holes. A foreign gas injection tech-
nique similar to that described by Pedersen et al. (1977) was
used. A wind tunnel and a curved test section were constructed
to perform this task; they are two of five major components
of the total experimental system. The others are the secondary
injection, sampling, and data acquisition and reduction sys-
tems (Fig. 1).

The secondary injection system combines desired amounts
of air and foreign tracer gas (either Freon-12 or helium). This
mixture is injected into the air mainstream through a row of
holes. The sampling system is used to draw off samples of the
injected gas slowly at the concave wall at various locations
downstream of injection. The samples are held in containers
until they can be taken for analysis using a gas chromatograph.

The foreign gas concentrations by the wall and in the sec-
ondary flow, along with property data and the measured flow
rate and velocity enable calculations of the blowing rate, den-
sity ratio, and local impermeable wall effectivenesses to within
1.4, 0.1, and 5.7 percent, respectively (Schwartz, 1986).

The concave working surface goes through a bend of 135
deg (see Fig. 1). It is 48.9 ¢cm high and spaced 10.2 cm from
the opposite convex wall. The surface has a radius of curvature
(—) 20.32 cm. Upstream of the curved test section is a 48.9

Nomenclature
C, = concentration of tracer in in-
jected gas gas through the injection
C,, = concentration of tracer adja- holes 7 = local impermeable wall ef-
cent to impermeable wall U, = mainflow velocity at the out- fectiveness = C;,/C,
D = injection hole diameter side edge of the boundary 7 = laterally averaged impermea-
I = momentum flux ratio = layer at point of injection ble wall effectiveness
(0, U2/ p, U*? X streamwise distance from 6, = boundary layer momentum
M = blowing rate = p,U,/p, U, downstream edge of injection thickness at the point of in-
np number of injection holes hole jection
r = radius of curvature of wall y distance from concave wall u» = dynamic viscosity of the sec-
(negative for concave wall) = z lateral distance from injec- ondary gas
203.2 mm in present study tion hole centerline e = dynamic viscosity of the
Re, Reynolds number of second- Zp lateral spacing of injection mainstream gas; air in pres-
ary flow = p,U,D/y, or holes center to center, three ent study
02Uss/ 1y dimensional in present study ¢ = slot injection parameter ap-
s equivalent slot thickness of o angle of jet axis to tangent to plied to concave flows in
row of injection holes (Zps wall = 35 deg in present present study [x/Ms] [Rey(u,/
= 7/4)D?%) study Bl — 174
U, average streamwise fluid ve- o boundary layer displacement pr = density of the secondary in-
locity in wind tunnel thickness at the point of in- jection gas
U, average velocity of secondary jection P = density of the mainstream gas

Journal of Turbomachinery

Downloaded 01 Jun 2010 to 171.66.16.67. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm

APRIL 1989, Vol. 111/125



3D 24.45¢cm.
S S
T
|

©000000

O m
&

20.32 cm. R,

CONCAVE INJECTION
HOLE SETS
np Dioml ol
31 0366 35
25 0457 35
20 0704 35

b~ ol

=TT

l - A
; 48.90 cm.

SECTION A-A

Fig. 2 Concave injection plate

Table 1 Nominal operating conditions

T. 24°C
U,, 40 m/s
U, 32 m/s
&3 0.41 cm
o 0.29 cm
02/ 0 0.95 or 2.0
0.3 t0 2.7
2r/D -59, —89, or —111

cm by 10.2 cm by 45.72 cm long duct, which connects to the
tunnel contraction section. A similar duct connects the down-
stream end of the curved test section to the wide angle diffuser.

The concave working surface is milled out of three alum-
inum plates to a radius of 20.32 cm, each contributing 45 deg
to the total 135 deg curve. The first plate (Fig. 2), which can
be removed and replaced with others like it, contains the in-
jection holes. Each of three injection plates has holes drilled
through it at an angle of 35 deg to the working surface. Stainless
steel tubes of either 0.366 cm, 0.457 ¢cm, or 0.704 c¢cm inner
diameter are epoxied into these holes and serve to define the
film cooling jets. The tubes are all ten (inner) diameters long.
The center line of the injection hole is located at 42.5 deg after
the onset of the curvature. The holes are spaced three (inner)
diameters apart center to center. The three different hole di-
ameters allow the effects of 2r/D and 83/D on the film cooling
effectiveness to be considered.

The nominal operating conditions are listed in Table 1.

Measurement of local velocities used to calculate the dis-
placement and momentum thicknesses at the point of injection
was accomplished with a gooseneck pitot probe inserted through
the concave wall (see Schwarz, 1986 for a photograph of the
probe).

Tests for two dimensionality of the flow in the measurement
region of the test section were performed by measuring the
local velocities within the boundary layer at various lateral
locations both at the injection location and just upstream of
the onset of curvature. Boundary layer displacement and mo-
mentum thickness varied by no more than 3 percent laterally.

Over most of the range where impermeable wall concentra-
tions were measured, the streamwise pressure gradient was
negligible. The gas sampling taps downstream of injection were
used to measure the static pressure along the concave wall.
Streamwise variation was found to be less than 1 mm H,O
except at the final tap just before the curved portion of the
test section ends, where effects of recovery from curvature
become significant.

Results
The local impermeable wall effectiveness for helium-tracer
injection on a concave surfce for 2r/D = — 58 is displayed in

Figs. 3 and 4 for blowing rates of 0.64 and 2.45, respectively.
The centerline effectiveness (at z = 0) at blowing rates less
than unity (Fig. 3) is relatively high just after injection, and
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Fig. 3 Film cooling of a concave surface: local effectiveness; 2r/D =
—58, 63/D = 0.58, p,lp,, = 0.95, M = 0.64

trails off as the jet progresses downstream. The jets at low
blowing rates remain on the surfce as they leave the injection
holes. The performance degrades quickly as the jet mixes with
the main flow.

For M > 1.5 (Fig. 4) the jets lift off the surfce immediately
after injection, as evidenced by the low centerline effectiveness
there. The large normal momentum of the jets at high blowing
rates is the cause. Moving downstream, the effectiveness in-
creases rapidly to a maximum at between ten and twenty di-
ameters from injection. This improvement is caused by the
surface curving upward toward the jets as the jets spread out
by turbulent mixing. Performance then trails off due to dilution
of the jet by the mainflow, but much more gradually than at
the lower blowing rates because of the larger momentum.
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Fig. 4 Film cooling of a concave surface: local effectiveness; 2r/D =
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The lateral variation in local effectiveness is small in virtually
every situation (Figs. 4 and 5). The only exception is found at
very low blowing rates, for the largest set of holes studied (6/
D = 0.58), up to 15 diameters from injection (Fig. 3). Kadotani
and Goldstein (1979) observed that on a flat wall, the larger
the boundary layer displacement thickness in relation to hole
diameter, the more effectively the jet would spread laterally.
This also is observed on a concave surface (cf. the lateral
profiles of local effectiveness in Figs. 3 and 5 for 6§/D = 0.58
and 8¢/D = 1.12, respectively). It should be noted, however,
that since the hole diameter is varied in the present study, the
relative strength of curvature (2r/D) also changes. This may
also have an effect on spreading, Schwarz (1986) found that
when film-cooling concave and convex surfaces, the lateral
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Fig. 5 Film cooling of a concave surface: local effectiveness; 21/D =
—111, 6§/D = 1.12, pylp,, = 0.95, M = 0.63

profiles of local effectiveness are flatter on the concave than
the convex surface. This indicates that there is a potential
influence of strength of concave curvature on spreading.

Photographs of the jets (Fig. 6) injected along the concave
surface verify that lateral mixing is quite strong. At a low
blowing rate of 0.4, the overhead, stop-action views of the jet
reveal significant lateral motion. The location of each jet varies
widely, as is evidenced from two photos taken at random times
using a strobe for lighting. Sometimes two adjacent jets attach
to each other. Taylor-Goertler cells, observed by Tani (1962)
and visualized by Barlow and Johnston (1985a, 1985b) are
concave instabilities, which may be one cause of this enhanced
lateral mixing. This lateral mixing at low blowing rate flattens
the lateral profile of local effectiveness.
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Fig. 6 Film cooling of a concave surface: flow visualization

At high blowing rate (Fig. 6), the lateral sway of the jets is
not quite as dramatic; however, it is still evident. The jets
attach to each other for longer streamwise distances than is
seen for M = 0.4. The added mass in the jets increases the
tendency for blockage. Time-averaged photos also reveal that
the jets exhibit significant lateral spread. At a blowing rate of
1.6, there is no distinction between the jets ten diameters past
injection.

The lateral profiles of local effectiveness were integrated and
averaged using a cubic spline. The results are plotted in Fig.
7 for 2r/D = —89. (All three relative strengths of curvature
exhibit similar trends.)

Just downstream of injection, an increase in blowing rate
beyond a certain point causes a decrease in effectiveness. We
call the injection rate at which this maximum performance
occurs the optimum blowing rate. Large momentum normal
to the concave surface at high blowing rates promotes jet
liftoff. Farther downstream, however, normal momentum
weakens, but the strong tangential momentum moves the
spreading jet closer to the wall. Also, the larger mass of the
jet at high blowing rates promotes blockage of the mainstream.
Thus, in the range of blowing rates studied, for x/D > 12 no
maximum effectiveness is indicated.
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Fig. 7 Film cooling of a concave surface: laterally averaged effective-
ness; 2r/D = —89, §;/D = 0.90, p,/p,, = 0.95

When considering how blowing rate affects film cooling
performance on a concave surface one must examine the com-
peting influences of the normal and tangential momenta of
the jet. The question of which predominates may depend upon
two factors: injection angle and streamwise location. Injection
angle affects both momentum flux components. If sin « is
large compared to cos «, the optimum blowing rate might be
lower for a given x/D. For tangential or near injection, liftoff
might not occur, and the effectiveness might be ever increasing
with blowing rate at all x/D, even very near the injection holes.

The three blowing parameters, blowing rate, momentum flux
ratio,and velocity ratio, all influence film-cooling perform-
ance, and it is not immediately apparent which would be best
in correlating the data. Momentum flux ratio might at first
seem to be the logical choice. However, varying degrees of
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Fig. 9 Film cooling of a concave surface: lateraily averaged effective-
ness; slot-flat plate comparison: 21/D = — 111, §/0 = 1.2, p,/p.. = 0.95

cancellation of the opposing effects of tangential and normal
momentum limit momentum flux ratio’s overall influence, es-
pecially for the 35 deg injection angle of the present study.

Increased blockage and thermal mass are the direct results
of high blowing rate, and both improve effectiveness. Figure
8 shows that for a given blowing rate, different density ratios
give similar effectiveness sufficiently far from injection. After
the initial effects of the strong normal and tangential mo-
mentum of injection have worn off blowing rate becomes the
correlating injection parameter on the concave surface.

This is also typical of injection through a slot along a flat
plate. A number of analytical and experimental studies have
shown that a parameter ¢, which depends directly upon blowing
rate and streamwise location, can uniquely determine the ef-
fectiveness of flush slot geometries (Goldstein, 1971). In Fig.
9, a comparison is made of the results for 2r/D = 58 (all
others yield similar results) with the model of Kutateladze and
Leonte’v modified by Goldstein (1971) for slot injection over
a flat plate. Except for weak injection through the smallest set
holes (weakest curvature), the laterally averaged effectiveness
data for row-of-holes injection over a concave surface collapses
to one curve when plotted against £. Performance is consis-
tently lower than the flat plate predictions, however. The cor-
relation with ¢ for row-of-holes injection over a concave surface
is due to the large lateral mixing, which promotes blockage of
the mainflow from the wall and causes the discrete holes to
behave like a slot.

Comparisons such as this have been made for one and two
row-of-holes injection on a flat surface (Goldstein et al., 1985).
Data for injection through a single row of holes do not correlate
well with £. The larger the blowing rate, the farther below the
slot correlation the performance falls. The poor performance
was attributed to the mainflow’s ability to travel around and
under the jets, causing them to lift off the surface. But injection
through two staggered rows of holes is quite different. Al-
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though at low values of £, the performance is lower than that
for slot injection, the laterally averaged effectiveness correlates
well with £. Better initial lateral coverage with two staggered
rows of holes blocks the mainflow, preventing liftoff. The end
result, then, is that better injection hole coverage increases
blockage, improving performance, resulting in correlation with
¢. For the concave surface of the present study correlation
with £ is found with only one row of holes because of the
lateral mixing and the absence of liftoff.

In view of the slotlike behavior of row-of-holes injection
along a concave surface, it is interesting to examine the ef-
fectiveness results along the pressure side of the turbine blade
of Tto et al. (1978). Data extracted from Ito (1976) are plotted
with £ in Fig. 10. Contrary to what was found on the constant
curvature concave surface of the present study, along the pres-
sure surface of the turbine blade, there is significant variation
in effectiveness at any given £. Also, performance is better at
large £ and worse at small £ when compared to the constant-
radius-of-curvature concave surface of the present study.

The major differences between the pressure surface of 1to’s
turbine blade and the concave surface of the present study are
that the turbine blade has variable curvature, and is initially
convex before injection. Looking at the suction side of the
same blade, which is convex throughout, a still larger variation
in effectiveness is found at any given £ (Fig. 10). Therefore,
lateral mixing along the pressure side of the blades does have
an effect, but not so as to create the good correlation with &
seen in the present study. The initial convex curvature on the
pressure side of the blade can influence the effectiveness sig-
nificantly.

Note the transition between the effectiveness data from the
surface of constant concave curvature to the convex-concave
pressure surface and then to the convex suction surface. Cor-
relation with ¢ is very good for the fully concave wall and very
poor for the fully convex (blade-suction) surface. In between
is the convex—concave (blade-pressure) surface. At large £ the
performance is lowest for injection along the concave surface,
highest on the suction surface, and somewhere in between for
the pressure surface. The jets on the pressure surface of a
turbine blade, then, are effected by both concave and convex
surface characteristics. The performance is relatively high at
large £, and relatively low at small £, and too variant at all £
to be classified as ‘“concave.” The performance is strongly
influenced by the curvature both upstream and downstream
of injection.

Conclusion

An increase in blowing rate yields an improvement in film-
cooling performance on a concave surface, except where liftoff
occurs. Liftoff is significant only in a region just downstream
of injection. It is dependent upon the relative strengths of the
tangential and normal momenta of the jets. Strong tangential
momentum impedes liftoff from a concave surface, while large
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normal momentum promotes it. Very near the injection holes
normal momentum is strong, and then falls off further down-
stream. Beyond the region where liftoff occurs, an increase in
blowing rate results in better performance because of the large
thermal mass of the coolant and the increased tendency for
blockage of the mainflow.

The unstable flow along the concave wall promotes lateral
mixing of the film cooling jets. As a result, lateral profiles of
local effectiveness are very flat. Because lateral mixing is so
great on the concave surface, the laterally averaged effective-
ness correlates well with the parameter £, which is typically
used for slot injection. The only situation where the effect-
iveness deviates from the correlation is at very low blowing
rates for the weakest curvatures studied.

Effectiveness data for the pressure side of a turbine blade
(Ito et al. 1978) do not exhibit the same behavior as data for
the concave surfaces. Comparing pressure and suction surface
data with those for the present concave surface, it is reasoned
that the initial convex curvature on the pressure side of the
blade strongly affects the film cooling performance there.
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Heat Transfer in the Tip Region of
Grooved Turbine Blades

Local convective heat transfer at the tip region of grooved blades is experimentally
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investigated. The present study models the problem by flow over a shrouded, rec-
tangular cavity, with the shroud moving opposite to the main flow direction. The
naphthalene sublimation technique together with a computer-controlled measure-
ment system provides detailed local transfer information on all the participating sur-

Jaces. The local heat transfer coefficient in the cavity is strongly influenced by the
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cavity aspect ratio, gap size, and leakage flow Reynolds number. Within the present
study range, the effect of relative motion between the shroud and cavity on the heat
transfer is found to be minor, particularly for the average heat transfer coefficient.
With the same leakage flow rate, the average heat transfer coefficient over the entire
tip area decreases with an increase in cavity depth. However, in terms of total heat

transfer to the tip, an overly deep cavity is undesirable, because it provides larger
surface area but only a small increase in flow resistance.

Introduction

In gas turbines, the blades of axial turbine stages rotate in
close proximity to a stationary peripheral wall (sometimes
termed an outer ring or stationary shroud). Differential ex-
pansion of the turbine wheel, blades, and the shroud causes
variations in the size of the clearance gap between blade tip
and stationary shroud. The necessity to tolerate this differen-
tial thermal expansion dictates that the clearance gap cannot
be eliminated altogether, despite accurate engine machining
(Hennecke, 1984). Pressure differences between the pressure
and suction sides of a blade drive a flow through the clearance
gap. This flow, often referred as the ‘‘tip leakage” flow, is
detrimental to engine performance. A primary detrimental ef-
fect of tip leakage flow is the reduction of turbine stage effi-
ciency. A second important effect concerns the convective
heat transfer associated with the flow. The surface area at the
blade tip in contact with the hot working gas represents an ad-
ditional thermal loading on the blade, which, together with
heat transfer to the suction and pressure side surface area,
must be removed by the blade internal cooling flows (Metzger,
1983),

Limited information on turbine tip heat transfer and fluid
flow has been reported to date (Lakshminarayana, 1970;
Booth and Dodge, 1982; Wadia and Booth, 1982; Mayle and
Metzger, 1982), and almost all of the published work dealing
with clearance gap flows involves consideration only of plain
flat blade tips. A strategy commonly employed to reduce tip
flow and heat transfer is to groove a single rectangular cavity
chordwise along the blade tip. The groove acts like the cell of a
labyrinth seal to increase the pressure drop and thus reduce the
flow for a given pressure differential across the tip. The reduc-
tion of the flow will also act to reduce heat transfer. However,
grooving a blade tip also creates increase in the heat transfer
area exposed to the leakage flow, and this effect is undesirable
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33rd International Gas Turbine and Aeroengine Congress and Exhibition,
Amsterdam, The Netherlands, June 5-9, 1988. Manuscript received by the In-
ternational Gas Turbine Institute September 26, 1987. Paper No. 88-GT-246.
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if the cooling of a blade tip is of concern. A schematic diagram
representing the geometry of a grooved blade tip, viewed from
a coordinate system fixed relative to the blade, is shown in Fig.
1. As seen in the figure, the outer shroud can be considered
moving in the general direction from the suction side to the
pressure side, with relative velocity equal to U,,. The leakage
flow, as denoted by Uin the figure, is driven by a pressure dif-
ference between the two sides of the blade and flows in the
direction opposite to the shroud motion. With this general
configuration in mind, the grooved tip problem can be
categorized as fluid flow and heat transfer over a shrouded
rectangular cavity.

Both fluid flow and heat transfer over unshrouded, rec-
tangular cavities have been the subjects of extensive investiga-
tion for many years (Aung, 1983). The flow field over a cavity
is characterized by flow separation and shear layer reattach-
ment resulting in complex flow patterns with substantial ef-
fects on the friction drag and heat transfer. Most studies have
relied on flow visualization techniques and/or heat and mass
transfer data to obtain momentum and heat transfer informa-
tion in cavity flow (Haugen and Dhanak, 1967; Yamamoto et
al., 1979; Chyu and Goldstein, 1986). In all cases, the cavity
problems studied have been considered as a flow system in
which the cavity is open to a usually well-specified ap-
proaching flow over an otherwise smooth and stationary sur-
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Fig. 1 Shrouded rectanguiar cavity
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face. The approaching flow may be a wall boundary layer for
external flow or a well-developed channel flow.

The grooved tip differs from the aforementioned unshroud-
ed situation by virtue of the confined nature of the geometry
as well as by the proximity of moving shroud. The degree of
similarity between the heat transfer characteristics of the
grooved tip and those of previous cavity studies have been
unclear until recently. Metzger and Bunker (1985), using a
time-dependent paint coating technique, studied heat transfer
for flow through a confined narrow slot-type channel where
one of the bounding walls contains a rectangular cavity. The
effect of shroud motion is not included in this study. Details
of heat transfer on surfaces are found to be largely dependent
on the size of gap clearance and the cavity aspect ratio. A
semi-empirical study by Mayle and Metzger (1982), using a
plain tip geometry, has argued that the heat transfer from the
blade tip is essentially unaffected by the relative motion be-
tween blade and shroud. Similar indication is also shown in a
numerical study for turbulent flow over two-dimensional,
shrouded, rectangular cavities by Chyu et al. (1986). To gain
further understanding of the convective heat transfer in
cavities with various degrees of relative shroud motion is the
primary objective of this study.

In the present work, experimental results concerned with the
local heat transfer characteristics on all surfaces of shrouded,
rectangular cavities are reported. The varying parameters in-
clude the cavity depth-to-width ratio, D/W, gap clearance-to-
cavity width ratio, C/W, relative shroud speed, U, /U, and
Reynolds number, Re = UC/». Values of these parameters are
chosen to accommodate the range of interest in actual turbine
applications. To facilitate good accuracy and experimental
control, the naphthalene (C,,H;) sublimation mass transfer
technique is employed instead of direct heat transfer tests. The
mass transfer results can be transformed into their counter-
parts in heat transfer through an analogy between the two
transfer processes. More detailed description of the analogy
has been given by Eckert (1976) and Goldstein et al. (1985). A
brief discussion of the mass transfer system with associated
data reduction procedure used in this study is given in the next
section.

Data Reduction of Mass Transfer System

The mass transfer coefficient A, is given by

m
hy=——" 0]
Py,w —Pi

where m is the mass transfer flux of naphthalene from a sur-
face, p,,, is the vapor concentration of naphthalene at the sur-

face, and p; is the vapor mass concentration at the inlet of gap
passage. Equation (1) corresponds to the conventional defini-

tion of heat transfer coefficient

q
h=r® 2
Tw_Ti ()

In the present study, p; is considered to be zero and equation
(1) becomes

"

by = 3)

pv.w

In addition, as the mass transfer system is essentially main-
tained isothermal, the naphthalene vapor pressure and vapor
concentration at the surface are constant. This corresponds to
a constant wall temperature boundary condition in a heat
transfer study,

Local mass transfer from a naphthalene surface can be
evaluated from the change in naphthalene thickness. The
change of thickness due to sublimation is given by

_ thedt
Os

where p, is the density of solid naphthalene (=1.143 x 103
kg/m?), and dy and dt represent the change in naphthalene
thickness and the differential time duration, respectively. Note
that dy and s are functions of the local coordinate of the
subliming surface. Combining equations (3) and (4), and in-
tegrating over the test duration, yield the time-averaged, local
mass transfer coefficient

dy @

pge Ay
h =157
LYY &)
The mass transfer Stanton number is defined by
h
St=_"1 6
U (6)

As it is often the case that the wall temperature varies slight-
ly during test run, p,, can be represented by the time-

Nomenclature
St = local mass transfer Stanton
A = heat transfer surface area number from naphthalene
with cavity surface st=~h,,/U Y = coordinate normal to the
A, = heat transfer surface area St, = local mass transfer Stanton streamwise direction, see
without cavity number from flat wall Fig. 1
C = clearance height at gap without cavity presence ¥ = coordinate of change in
D = cavity or groove depth Stpg = fully developed heat or naphthalene thickness
D, = hydraulic diameter mass transfer Stanton A = finite difference operator
f = pressure loss . number # = dynamic viscosity
coefficient = ApC/2Lo U? St = area-averaged St v = kinematic viscosity
d = differential operator St, = area-averaged St, p = density of fluid
h = heat transfer coefficient T; = temperature at gap inlet ps = density of solid
h,, = naphthalene mass transfer T, = temperature at wall naphthalene,
. coefficient ¢ = time ~1.143 x 103kg/m? in pres-
m = mass transfer flux of U = mean flow velocity at gap ent study
naphthalene from surface U,, = shroud moving velocity Pyw = Vapor mass concentration
p = pressure W = cavity width or density of naphthalene at
Dy, = naphthalene vapor pressure X = streamwise coordinate; wall
at wall downstream distance from p; = vapor mass concentration
g = heat flux from wall cavity upstream wall, see or density of naphthalene at
Re = Fig. 1 gap inlet

Reynolds number = UC/v
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Fig. 2 Schematic view of test assembly

averaged naphthalene concentration at the surface. This is ob-
tained from numerical integration of the concentration deter-
mined at the measured surface temperature. A correlation
proposed by Ambrose et al. (1975) is used to determine
naphthalene vapor pressure; from this, p, ,, is evaluated using
the ideal gas law and the naphthalene surface temperature.

Experimental Apparatus and Procedure

Figure 2 displays a schematic view of the test section. The
entire construction is made of aluminum tooling plates. The
shaded area in the figure, representing a cavitylike grooved
tip, is the mass transfer active surface cast with a thin layer of
naphthalene, approximately 2 mm in thickness. The cavity
width W is maintained constant at 32 mm (1.25 in) throughout
the entire study. The desired values of C/W and D/W can be
obtained accordingly, by fixing a pair of adjustable screws. A
16-mm-wide surface is extended both upstream and
downstream of the cavity, forming the upstream gap and
downstream gap, respectively. The cavity span normal to the
streamwise direction is measured at 153 mm (6.0 in), which is
approximately four times the streamwise width W. Under this
condition, although some three-dimensional phenomena are
expected, preliminary tests have shown that the mass transfer
characteristics are quite two dimensional across at least 80 per-
cent of the span. The moving shroud is modeled by a flat,
seamless, Neoprene belt driven by a speed-adjustable, 0.56
kW (3/4 HP) d-c motor. The test assembly can be rotated in
different orientation relative to the belt moving direction.

During a test run, the laboratory compressed air supply is
first introduced to a plenum adjacent to the test cavity, then
flows over the cavity, subsequently discharging to the sur-
rounding atmosphere. The entire test assembly including
plenum and cavity is placed above and contacts the moving
belt, with the cavity opening facing downward. Between the
test assembly and the moving belt, there are several teflon
pads mounted on the contacting surface of the test assembly to
reduce dynamic friction and to prevent air leakage. An addi-
tional teflon plate is placed underneath and against the belt,
which effectively eliminates belt vibration as it moves over the
test section, Preliminary tests at full anticipated belt speeds in-
dicate that this design is very effective.

One of the most challenging aspects of the subliming mass
transfer experiment is the surface profile measurement on the
naphthalene surface. Mass transfer at a certain location is in-
ferred from the change in naphthalene thickness at that loca-
tion. In order to obtain the distribution of local mass transfer
coefficient in the region of interest, the surface contour must
be measured before and after each test run. Therefore, suc-
cessful execution of local measurements in subliming mass
transfer is critically dependent on precise positioning and ac-
curate thickness change readings. In addition, to avoid errors
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caused by the extraneous naphthalene sublimation and human
fatigue during a lengthy measurement requires rapid data ac-
quisition. A computer-controlled, automated data acquisition
system has been designed and used to fulfill all of these re-
quirements. A block diagram giving a schematic view of the
entire system is shown in Fig. 3. It consists of a depth gage
along with a signal conditioner, a digital multimeter, two-
stepper-motor driven positioners, a motor contreller, and a
Zenith 150 microcomputer (IBM-PC compatible) as the
measurement process controller. The Zenith microcomputer is
also used for data storage and reduction. Details of the
measurement system have been described in earlier studies
(Goldstein et al., 1985; Chyu, 1986).

Results and Discussion

Most of the mass transfer results in this study are presented
in form of Stanton number St, as discussed in the previous sec-
tion. For all the test runs, the uncertainty in the local St is
estimated to be 4 percent, and the repeatability is approx-
imately equal to this value. Detailed uncertainty analysis for
this study is given by Moon (1987). Prior to the actual tests for
grooved-tip geometries, mass transfer from a flat surface in
the absence of cavity has been measured to provide reference
information. The flat channel experiments are performed us-
ing the same test section for cavity studies, with the cavity
floor elevated to flush with the gap surfaces. Figure 4 shows
the local Stanton number normalized by the corresponding
fully developed value and presented as a function of the
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distance in a unit of hydraulic diameter from the channel en-
trance. Due to the limited channel length, the average of St
over the five most downstream locations of the test section is
taken as the fully developed value for the present system,
which is 0.96x 1073 for Re=1.68 x 10* (C/W=0.11) and is
1.0x 1073 for Re=2.0x 10* (C/W=0.14), respectively. This
approximation is justified as the St reaches a constant value at
the midportion of the test channel. The data fluctuation near
two thirds of the channel length from the gap entrance is
thought to be due to a slight surface discontinuity between the
elevated floor and the gap surface downstream. For com-
parison, the solid line represents the corresponding heat
transfer results from Boetler (1948) for turbulent air flow with
a sharp-angle entrance. The favorable comparison validates
the present experimental system and provides confidence in
data accuracy.

The effects of cavity aspect ratio (D/W) and shroud moving
speed (U/U,,) on the local mass transfer distributions of the
cavity floor and the surface upstream and downstream of the
cavity are shown in Fig. 5. The figure consists of four sub-
figures 5(a) to S(d), representing Re= UC/r=2.0x10%,
C/W=0.14, and D/W=0.1, 0.5, 1.0, and 1.5, U,,/U=0.0
and 0.46. It is noted that very nonuniform St distributions ex-
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ist for all the cases tested. On the surface upstream of the cavi-
ty (i.e., the upstream gap), St increases with streamwise loca-
tion, reaches a local maximum near the midpoint of the sur-
face, and then decreases toward downstream. The
characteristic of this St distribution is virtually identical to
that of heat transfer near a channel entrance preceded by a
sudden contraction. A typical value of the maximum St is ap-
proximately twice that for a fully developed channel flow hav-
ing the same Reynolds number. The maximum is considered to
be caused by the reattachment effect of the separated flow in
the region. This finding is in good agreement with the leakage-
flow pattern near the gap entrance recently observed by Moore
and Tilton (1988).

Mass transfer characteristics on the surface downstream of
the cavity (i.e., downstream gap) are similar to that of a newly
developing boundary layer with zero angle of incidence. In
contrast to the upstream gap, the highest St occurs near the
leading edge of the surface, and the St decreases along the
streamwise direction. However, it is speculated that a second
local maximum St may exist somewhere downstream of the
leading edge provided that the gap size is sufficiently large; a
recirculating region is expected to exist in the upstream por-
tion of this surface. This second local maximum St has been
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reported in the literature for cavity flow without shroud
presence (Chyu and Goldstein, 1986). The presence of shroud
restrains the development of the shear layer which initiates at
the sharp corner of a cavity’s upstream wall. This, in turn,
results in a thinner shear layer with lower turbulence across the
cavity as compared to the cases without shroud.

Values of St on the cavity floor are in general smaller than
that on surfaces upstream and downstream of the cavity. In
addition, as shown in Fig. 5, the nature of the cavity floor St
distribution depends strongly on the cavity geometry, namely
the cavity aspect ratio D/W. For shallow cavities, say
D/W=0.1, the shear layer separated from the upper corner of
the cavity upstream wall should have reattached at the cavity
floor. In the region near the reattachment point, generally ac-
companied with higher turbulence mixing, mass transfer coef-
ficient reaches a local maximum. This effect is clearly ob-
served in Fig. 5(a). For D/W=0.5, according to a flow
visualization study on unshrouded cavities (Yamamoto et al.,
1979), the entire cavity will be largely filled with a recirculating
vortex resulting in a streamwise, monotonically increasing
trend of mass transfer on the cavity floor, as shown in Fig.
5(b). For even deeper cavities, D/W=1.0 and 1.5, the values
of cavity-floor St become smaller, and peculiar mass transfer
characteristics exist, with more than one local maximum St be-
ing observed in Figs. 5(c) and 5(d). This is speculated to be
attributable to the additional and strong degree of secondary-
flow interactions near the cavity bottom.

For all the cases present in Fig. 5, the general trend of in-
fluence of relative shroud movement on the mass transfer
from a grooved tip is found to be quite consistent. At each
corresponding streamwise location, the mass transfer St on the
surfaces of downstream gap and cavity floor is generally
higher for U,,/U=0.46 than that for stationary shroud situa-
tion (i.e., U, /U=0), while the reversed effect is observed on
the surface of upstream gap. It is understandable that the
shroud motion introduces more naphthalene-free air into the
mainstream in the downstream portion of the test section; thus
the bulk air flow in this region is less naphthalene-enriched
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than that without shroud motion. This in turn enhances the
mass transfer. An opposite effect is expected for the upstream
portion, resulting in a lower mass transfer driving potential.
However, the difference in St affected by the different values
of U,,/U is overall insignificant and, for majority of the data,
the differences are in fact within the experimental uncertainty.
The speculation raised by Mayle and Metzger (1982) that the
relative shroud motion has a very minor effect on the flat
blade-tip heat transfer is also applicable to heat transfer to a
grooved tip, at least for the present study range. A recent
numerical study by Chyu et al. (1987) on modeling the flow
field and heat transfer in two-dimensional, shrouded cavities
has reported similar results. For U,,/U=< 1, the heat transfer in
a cavity is mainly determined by the cavity geometry, and the
relative shroud movement has virtually no effect. This implies
that investigation of heat transfer in actual blade tips may be
achieved by performing studies with a stationary model.

Mass transfer measurements are also made on cavity side
walls, and Figs. 6 and 7 show typical results for the in-
termediate cases D/W=0.5 and 1.0. The mass transfer from
the cavity upstream wall (downstream-facing wall) is
dominated by the vortex attached behind the wall and has the
same order of magnitude of St as that on the upstream portion
of cavity floor, which generally has low mass transfer rates.
On the other hand, the fundamental mode of mass transfer
mechanism for the cavity downstream wall (upstream-facing
wall) is the impingement of the separated shear layer on the
wall, in particular on the upper portion. As a result, the mass
transfer coefficient is generally high near the top of the
downstream wall. The influence of relative shroud movement
on the mass transfer from the two side walls is also found to be
insignificant. However, the influence seems to be stronger for
a deeper cavity (D/W=1.0) than for the shallower one
(D/W=0.5), and, as shown in Fig. 7, it has the opposite effect
on the mass transfer between the upstream and downstream
walls.

Results shown in Fig. 8 represent the area-averaged mass
transfer coefficient and the overall mass transfer rate for
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Re=2.0x10%, C/W=0.14. The arca-averaged results are ob-
tained using a numerical integration over the corresponding
local data. The left scale in Fig. 8 is the Stanton number aver-
aged over the entire mass transfer active region, St, and nor-
malized by the corresponding value of flat channel without
cavity. The right scale gives the value of (St/St,)x (4/A4,),
representing the overall mass transfer rate normalized by its
flat surface counterpart. A/A, is the ratio of the area of mass
transfer active region with cavity to that without cavity; this
ratio increases with an increase of D/W. As expected, the
shroud motion has little influence on both results, with a less
than 10 percent maximum variation caused by the difference
in shroud movement. St decreases with an increase in the value
of D/W; however, the value of normalized overall mass
transfer rate is fairly constant for D/W=0.5 but generally in-
creases with D/W. This implies that, for a given mass flow
rate through the gap, the deeper cavities experience higher
overall mass transfer than the shallower ones, despite a lower
mass transfer coefficient. Deepening a cavity causes additional
mass transfer area on cavity side wall. It is a general specula-
tion that deepening a cavity reduces the leakage flow rate, and
thus also its associated convective heat transfer, for a given
pressure differential across the cavity. Figure 9, showing the
pressure loss coefficients calculated from the measured
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pressure differentials for the present tests, indicates that this is
not always the case. Deepening the cavity beyond D/W=0.3
does not result in further increases in pressure loss. The com-
bined results shown in Figs. 8 and 9 suggest that it may be
undesirable to groove a blade tip having a cavity aspect ratio
D/W higher than 0.5. This result agrees with the conclusion
reached by Metzger and Bunker (1985).

Another important parameter affecting the tip heat transfer
is the size of gap clearance, namely C/W. Figure 10 shows the
typical results for cavities with D/W=1.0, Re=2.0x 104, and
U,/U=0. The general trend is that the larger the value of
C/W, the higher the mass transfer coefficient. In addition to
change in the magnitude of local St, the general characteristics
of St distribution over the surfaces of upstream and
downstream gap vary with different values of C/W. This
variation may be understood by consideration of flow pattern
in the gap, which, to a certain extent, is affected by the nature
of sudden contraction as the fluids flow into the gap.
Moreover, according to Chyu et al. (1987), the larger gap
clearance permits the separated shear layer to grow thicker in-
ducing higher turbulence level in the gap mainstream. The
mass transfer on the downstream gap surface as well as on the
cavity downstream wall is thus influenced by the
characteristics of the shear layer. In view of the results shown
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in Fig. 10, a recirculating vortex may exist in the downstream
gap for C/W=0.2, as a local minimum of St observed in the
midportion of the surface.

Figure 11 shows the Reynolds number effect on tip mass
transfer. While fixing D/W=1.0 and C/W=0.14, Reynolds
number, defined as Re=UC/», varies from 0.38x10% to
3.6 x 10* by controlling the air flow from the laboratory com-
pressor. Since the size of the clearance is physically the same in
these cases, the only variable in fact is the gap mean velocity.
As shown in Fig. 10, within the present test range, the local St
generally decreases with an increase of Re. However, the trend
is attenuated and even reversed when Re=3.6x10*. This
peculiar tendency can be plausibly explained by considering
the flow compressibility. For Re = 3.6 x 10, Mach number in
the gap is approximately equal to 0.4, and it may be inap-
propriate to consider the flow incompressible, and the mass
transfer increases as the compressibility effect dominates.

Attention is now turned to the correlation between the area-
averaged mass transfer and the affecting parameters as
previously discussed. Using the power regression fit, St is
found to vary with —0.22 power of D/W, and the power in-
dex becomes —0.28 if the area-averaged St over the cavity
floor is only of concern. The latter is in good agreement with
results from previous studies; —0.22 by Metzger and Bunker
(1985) and —0.27 by Yamamoto et al. (1979). It should be
noted that, in the study by Yamamoto et al. (1979), only the
cavity floor was heated and the cavity side walls were kept
adiabatic, whereas the present mass transfer system is
equivalent to the situation with the entire cavity surface main-
tained at an isothermal wall condition. As for the gap
clearance dependency, St groups well with C/W to a 0.31
power, indicating a greater influence on tip heat transfer than
the cavity aspect ratio D/W. The same conclusion has also
been found by Metzger and Bunker (1985). The influence of
Reynolds number on the entire tip mass (heat) transfer can be
expressed at St proportional to Re~%3¢, In the study by
Yamamoto et al. (1985), for unshrouded cavities, the Stanton
number averaged over the cavity floor is found to vary as the
— 0.5 power of Reynolds number. The difference is probably
attributable to the difference in the nature of cavity geometry,
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the boundary condition, and the testing range of Reynolds
number,

Conclusions

Mass transfer with turbulent flow over shrouded, rec-
tangular cavities has been experimentally investigated. The
study models heat transfer at the tip region of grooved rotor
blades. The naphthalene mass transfer technique with a high-
precision surface measurement system has demonstrated itself
as a viable method to study the local transfer information in
great detail. The effects of cavity geometry, gap size, leakage
flow Reynolds number, and relative shroud movement on the
mass transfer of all cavity walls and surfaces upstream and
downstream of cavity have been identified. The characteristic
of the local mass transfer distribution on cavity floor is
primarily determined by the cavity geometry, i.e., D/W. The
area-averaged mass transfer Stanton number over the entire
mass transfer area is dependent on D/W, C/W, and Re, with
power indices of —0.22, 0.31, and -0.36, respectively.
Results from the present investigation, similar to the findings
from several related studies in the literature, have indicated
that the effect of shroud movement on the tip heat transfer in
most turbine applications is secondary. Also suggested is that
an overly deep groove, i.e., D/W=0.5, may be undesirable if
the magnitude of total tip heat transfer is of concern.
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Hydrodynamic Measurements of
Jets in Crossflow for Gas Turbine
Film Cooling Applications

This paper presents the results of a detailed hydrodynamic study of a row of inclined
Jets issuing into a crossflow. Laser-Doppler anemometry was used to measure the
vertical and streamwise components of velocity for three jet-to-mainstream velocity
ratios: 0.25, 0.5, and 1.0. Mean velocity components and turbulent Reynolds normal
and shear stress components were measured at locations in a vertical plane along
the centerline of the jet from 1 diameter upstream to 30 diameters downstream of
the jet. The results, which have application to film cooling, give a quantitative
picture of the entire flow field, from the approaching flow upstream of the jet,
through the interaction region of the jet and mainstream, to the relaxation region
downstream where the flow field approaches that of a standard turbulent boundary
layer. The data indicate the existence of a separation region in the hole from which
the jet issues, causing high levels of turbulence and a relatively uniform mean velocity
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profile at the jet exit.

Introduction

A fundamental limitation to the development of improved
film cooling for turbine blades is the lack of understanding of
the fluid mechanisms affecting heat transfer during film cool-
ing. Although there has been prolific research in the area of
film cooling technology, much of this research has focused on
the end product, i.e., the amount of heat transfer, while rel-
atively few studies have attempted detailed descriptions of the
flow field involved in the heat transport process. Comprehen-
sive experimental measurements of jets-in-crossflow were made
in this study to obtain a better understanding of the funda-
mental characteristics of this flow.

In previous studies of jets-in-crossflow, the most detailed
measurements of the flow field have been made for a single
jet issuing from a relatively long delivery pipe oriented normal
to the mainstream. Although this is significantly different from
the short length-to-diameter (L/D) inlet with the hole axis
angled sharply downstream, generally used for film cooling,
the flow field characteristics might be expected to be quali-
tatively the same. Crabb et al. (1981) used both laser-Doppler
velocimetry (LDV) and X-sensor hot-wire anemometry to study
a normal jet-in-crossflow with relatively high blowing ratios
of M = 1.15 and 2.3, where M is the density-velocity product
ratio of the jet to the mainstream. The jet issued from a pipe
with L/D = 30. These investigators emphasized the importance
of using LDV in the near field of the jet where the three-
dimensionality, high turbulence, and reverse flow preclude the
use of hot-wire techniques. Their measurements also indicated
that the exit profile of the jet is highly distorted by the cross-
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flow. For M = 1.15, measurements of the turbulent normal
stresses showed a maximum at approximately 1/2 D down-
stream of the hole, which corresponded to a maximum in the
mean streamwise velocity gradient located at y/D = 2.

The most detailed study of the turbulence characteristics of
a jet-in-crossflow were made by Andreopoulos and Rodi (1984)
for a normal jet issuing from a pipe with L/D = 12 and a
smooth entrance. Using triple-sensor hot wires, measurements
were made of all three velocity components. In this study,
using a blowing ratio of M = 0.5, the crossflow was found
to influence the pipe flow upstream of the exit, causing a highly
nonuniform exit profile, which was skewed toward the back
edge of the hole. The maximum turbulence level and uv shear
stress levels occurred at locations from two to four diameters
downstream of the jet and were coincident with maximum
mean velocity gradients. The large velocity gradients in this
region were due to a shear layer, which occurred on the lower
edge of the jet because of a wake region below the jet.

Turbulence measurements for inclined jets have been limited
to a few studies using single-sensor hot-wire probes. Since the
accuracy of these probes is extremely poor in the highly tur-
bulent, three-dimensional, and occasionally reversing flow field
characteristic of jets-in-crossflow, these results should be re-
garded as qualitative descriptions of the flow turbulence.
Kadotani and Goldstein (1979) and Yoshida and Goldstein
(1984) used a row of jets introduced by pipes inclined at 35
deg to the surface and with M = 0.35 and M = 0.50, re-
spectively. In both these studies mean and rms velocity meas-
urements for the combined U and ¥V components were presented
for one streamwise position located one diameter downstream
of the hole. At this point the maximum turbulence level was
found to correspond with the lower edge of the injected flow
where the mean velocity gradient was largest. Turbulence in-
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tensity was also measured by Jubran and Brown (1985) for
holes inclined at 30 deg and with inlet pipe lengths of L/D =
15. Although two rows of holes were used, the second row
was located x/D = 10 downstream of the first row, while the
turbulence intensity measurements were made at x/D = 2.3
and 10. Results presented for blowing ratios of M = 0.2 and
1.0 were somewhat contradictory to the previous studies in
that maximum turbulence levels were found at the point meas-
ured nearest to the wall (y/D = 0.1) rather than being coin-
cident with the shear layer between the wake and the bottom
edge of the jet. :

In the present study, detailed measurements have been made
of the mean and turbulence characteristics of jets-in-crossflow
for hydrodynamic conditions typical of film-cooled turbine
blades, but with a unity density ratio and a flat test surface.
A short entrance of L/D = 3.5 was purposely used for the
injected fluid to simulate actual film-cooled turbine blade con-
figurations better, although this is significantly different from
the pipe flow inlet configuration that has been used in past
studies. An LDV was used to measure the distributions of
streamwise and normal components of the mean and fluc-
tuating velocity along with the wv shear stress over a range
extending from one diameter upstream of the hole to 30 di-
ameters downstream, Various sources of high turbulence were
identified and the relaxation of the flow to essentially boundary
layer characteristics was documented. A strong correspondence
between the high turbulent normal and shear stresses with
regions of high mean velocity gradients was also found.

Experimental Facility and Instrumentation

These experiments were carried out using a test plate installed
in a recirculating low-speed wind tunnel. The test section, with
dimensions 61 X 61 x 244 cm long, was preceded by a 6.25:1
contraction section with a bank of graduated screens and hon-
eycomb upstream of the contraction. Air was used as the work-
ing fluid with the free-stream turbulence intensity in the test
section measured at less than 0.5 percent at a velocitiy of 20
m/s. Air is injected into the mainstream through a row of 11
holes, 12.5 mm in diameter, in a flat plate. The holes are
inclined at 35 deg and laterally spaced three diameters apart
and are located 19 diameters downstream of the leading edge
of the plate. Suction is used to remove the boundary layer at
the test section inlet and a new boundary layer is initiated at
the sharp leading edge of the plate. The length of the hole was
made short relative to the diameter (L/D = 3.5) to simulate
a typical film-cooled turbine blade geometry. Figure 1 shows
a schematic of this arrangement. All 11 jets issue from a com-
mon plenum chamber located below the plate. Air to the ple-
num is supplied by a secondary flow loop containing a
centrifugal fan and an orifice plate flowmeter. Different blow-
ing ratios were obtained by varying the flow rate through the
secondary flow loop while maintaining a constant mainstream
velocity of 20 m/s.

Two-component velocity measurements were made with a
TSI Inc. model 9100-10 LDV system. To allow measurements
of the vertical velocity near the wall it was necessary to tilt the
entire LDV 8 deg downward to prevent the lower beam from

—_—
MAINSTREAM

Expected
Separation

L
g\
PLENUM CHAMBER
Fig.1 Geometry of the 35 deg film cooling hole and coordinate system
intersecting the floor of the wind tunnel. As a result, the V
component of velocity reported in this paper is composed pri-
marily of the true vertical velocity, but also contains a small
lateral velocity component. This tilt does not affect the meas-
urement of the streamwise velocity component. The LDV was
equipped with frequency shifting, which is necessary to dis-
tinguish reverse flow and also to avoid fringe bias errors in
the measurement of the relatively small vertical velocity com-
ponent. The diameter of the probe volume was reduced by a
factor of 3.75 to d = 80 um by passing the four transmitted
beams through beam expansion optics. The receiving optics
were modified to operate in a backscatter configuration offset
30 deg from the axis of the transmitted beams. As a result of
this off-axis collection, the length of the probe volume was
reduced by a factor of 5 to 1 = 160 pm. TSI counters were
used for signal processing and an HP-1000 microcomputer
system for data acquisition and anaysis. The HP-1000 system
was also interfaced with the motion control system of the LDV
traverse table to allow the computer to control the positioning
of the table automatically. Velocity bias corrections, based on
the residence time of a particle in the probe volume, were
applied to the LDV data.

The mainstream and jets were independently seeded with
0.6 um sugar particles generated by two TSI six-jet atomizers.
To avoid bias due to different seed concentrations, the
atomizers were adjusted to provide equal seed concentrations
in the mainstream and jet flow. This condition was initially
set and periodically checked by measuring the velocity and the
data rate at various locations in the mainstream and in the
jets. The seed concentration is proportional to the ratio of the
data rate and the velocity. The jet air was obtained from the
seeded mainstream, so the addition of d relatively small amount
of seed was required to replace that which dropped out while
passing through the secondary flow loop.

To obtain accurate measurements of the turbulence shear
stress, essentially coincident measurements of the instanta-
neous streamwise and vertical components of velocity are nec-
essary. A coincidence time window of 10 us was used for these
measurements, which allowed accurate measurements for flow
fluctuations up to 50 kHz.

The time-averaged measurements presented in this paper
were obtained using sample sizes of 1024 discrete coincident
measurements, Measurement time for these samples varied
from 10 s to 100 s. Precision uncertainties for these measure-
ments were determined from repeatability tests and found to
be +0.5 percent for U and V, =2 percent for u,,, and vy,
+ 15 percent for uv, where percentages are in terms of the
free-stream velocity.

Nomenclature
D = hole diameter, Fig. 1 U = mean velocity, x direction x = streamwise distance, Fig. 1
L = hole length, Fig. 1 U = rms velocity, x direction y = distance from wall, Fig. 1
M = density - velocity product ra- uv = Reynolds uv shear stress & = boundary layer thickness, 99
tio, jet-to-freestream U, = free-stream velocity percent velocity point
TL = turbulence level, two-dimen- V = mean velocity, y direction § = boundary layer momentum
sional U = rms velocity, y direction thickness
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Fig. 2 Profiles of the normalized mean velocity vectors for the near-
hole region of the jet exit and M = 0.25. Edges of the jet are defined
by the interpolated mean streamlines.
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Fig. 3 Profiles of the normalized mean velocity vectors for the near-
hole region of the jet exit and M = 0.5. Edges of the jet are defined by
the interpolated mean streamiines.

Results and Discussion

Results are presented for two-component velocity measure-
ments made along the centerline of the fourth jet and over a
range from one diameter upstream of the jet to 30 diameters
downstream. Three different blowing ratios were used with M
= 0.25, 0.5, and 1.0, all with unity density ratio. These data
will be discussed first in terms of the near-field mean flow and
turbulence characteristics. Relaxation of the flow in the far
field downstream of the hole will then be examined. Finally,
results indicating the correspondence between mean velocity
gradients and the turbulent normal and shear stresses will be
presented.

For the following results the origin of the coordinate system
is located on the wall at the leading edge of the jet. Because
of the elliptical shape of the hole, the trailing edge is located
atx/D = 1,74, where x is measured in the streamwise direction.
The distance normal to the plate is denoted by y.

Mean Flow, Near Field. Profiles of mean velocity vectors
for the three different blowing ratios are presented in Figs. 2,
3, and 4. The first two velocity profiles for each case were
taken upstream of the hole at x/D = —1.0 and —0.25. The
profile at x/D = — 1.0 is the same for all three blowing ratios
and indicates a boundary layer thickness of 6/D = 0.4 (6 =
4.8 mm). Only a slight deceleration is noticeable at x/D =
—0.25, but for M = 1.0 there was a significant negative V'
component at the nearest wall location, which might indicate
the existence of a streamwise vortex caused by the obstruction
of the jet.

Measurements taken nearest the exit of the hole indicate
relatively flat velocity profiles as the jet exists the hole. The
magnitudes of the velocity vectors just past the jet exit are
larger than might be expected for the respective blowing ratios
because of an acceleration as the jets were diverted downstream
by the crossflow. The velocity profile was relatively uniform
for M = 0.5, but slightly skewed downstream for M = 0.25
and upstream for M = 1.0. This is in contrast to the findings
of earlier studies, where highly nonuniform profiles were found
using normal jets (Andreopoulos and Rodi, 1984) at similar
blowing ratios. The relatively uniform profiles found in the
present study are probably due to the use of a short L/D
delivery passage compared to the relatively long pipe inlets
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Fig. 4 Profiles of the normalized mean velocity vectors for the near-
hole region of the jet exit and M = 1.0. Edges of the jet are defined by
the interpolated mean streamlines.

used in previous studies. Furthermore, the sharp entrance to
the inlet tube (see Fig. 1) is expected to cause a separation
region on the downstream side of the tube, which would be-
come more severe for higher tube velocities. Turbulence in-
tensity measurements, to be discussed in the next section,
confirmed this expectation. Consequently, the increased sep-
aration region within the delivery passage at higher blowing
ratios would account for the skewing of the jet inlet profiles
toward the leading edge of the hole for the large blowing ratio.
Since the hole geometry and passage length used in this study
have significant effects on the exit profile of the jet, it is
important to reiterate that the present configuration is more
representative of inlets actually used for film-cooled turbine
blades.

Downstream of the hole a ““wake region’’ was formed by
the blockage of the jet for all three blowing ratios. In each
case a strong shear layer was formed between the low speed
fluid in the wake and the lower edge of the jet. For M = 0.25,
a shear layer also developed between the mainstream and the
relatively low-speed fluid at the top edge of the jet. These shear
layers merged to form a continuous shear region across the
jet for this lowest blowing ratio. The velocity in the wake region
was found to increase substantially with increasing blowing
ratio indicating a greater ingestion of mainstream fluid below
the jet for higher blowing ratios. A lateral influx of mainstream
fluid below the jet was also indicated for M = 0.5 by a negative
velocity gradient near the wall evident in Fig. 3 for x/D > 3.
This can only be accounted for by an influx of high-speed
fluid into the lower part of the wake. A similar effect was seen
for M = 1.0, but not for M = 0.25.

Turbulence Quantities, Near Field. Measurements of the two
components of the fluctutating velocity, ., and vy, are
presented in terms of a turbulence level (7L) defined as

TL = (ks + V205) Y2/ U

where U, is the free-stream velocity. Contours of TL were
obtained by interpolating the data, and the results for the three
blowing ratios are shown in Figs. 5, 6, and 7. In each case
several distinct regions of high turbulence were identified at
the exit of the hole and immediately downstream. These regions
are most apparent at the largest blowing ratio, M = 1.0 (Fig.
7). The smallest region of high turbulence is at the upstream
edge of the jet as it exists from the hole. The turbulence here
islikely due to the remnants of the boundary layer that develops
within the hole along the upstream side.

For blowing ratios of M = 0.5 and M = 1.0, larger regions
of high turbulence were found above the downstream side of
the hole. The larger extent of these regions of turbulence sug-
gests the existence of a much fuller turbulent boundary layer
along the downstream surface of the hole. These turbulence
data represent additional evidence that a separation region
exists on the downstream side of the hole, following the sharp
entrance. Furthermore, this would account for the significantly
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Fig. 7 Turbulence level, (uz,; + v2,)?/U,, contours for the near-hole

region of the jet exitand M = 1.0

thicker boundary layer on this side of the hole. As discussed
carlier, the size of this separated region is expected to decrease
for decreasing blowing ratios, which would explain the decrease
in the size of the turbulent region for M = 0.5 and the dis-
appearance of this high turbulence region for M = 0.25.

In general, the highest level of turbulence was found along
the bottom of the jet interface. Evidently this high turbulence
is due to the shear layer that develops between the jet and the
low-velocity wake below the jet. There was only a slight in-
crease in the turbulence level in this region when the blowing
ratio was increased from M = 0.25to M = 0.5, but a dramatic
increase from 18 percent to more than 26 percent occurred
when the blowing ratio was increased to M = 1.0.

Comparing the above results to measurements by Yoshida
and Goldstein (1984), at a location one diameter downstream
of the hole for M = 0.5, shows there is a good agreement in
the location of a maximum turbulence level at /D = 0.35 in
the shear layer below the jet. However, the maximum tur-
bulence level of 12 percent was somewhat less than the 18
percent measured in this study. There are significant differ-
ences in the present results and those obtained by Jubran and
Brown (1985) at a distance approximately two diameters down-
stream of the hole. As indicated in Fig. 7, for M = 1.0 and
x/D = 3.76 the present measurements show a distinct peak in
TL at y/D = 0.7, as opposed to maximum in the near-wall
region (y/D = 0.1) measured by Jubran and Brown. A distinct
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peak in 7L was also found in the present study for M = 0.25,
but none was found by Jubran and Brown for M = 0.2.

Contours of the uv shear stress near the jet exit for the two
lower blowing ratios, shown in Figs. 8 and 9, are very similar
to the corresponding contours of 7L shown previously. A small
region of high uv at the upstream edge of the jet was found
for both blowing ratios and is probably the remnants of the
boundary layer that developed along the top side of the hole.
At M = 0.5 aregion of high turbulent shear stress exists above
the downstream part of the jet exit, whereas at the lower
blowing ratio of M = 0.25, the turbulent shear stress decreases
at the jet exit. This is consistent with the contours of 7L, and
also indicates the existence of a separated region on the down-
stream side of the inlet tube, which is considerably reduced in
size for the lower blowing ratio.

Maximum levels of uv shear stress were comparable for both
blowing ratios and were found downstream of the jet at the
interface between the jet fluid and the low velocitiy wake be-
neath the jet. Normalized with free-stream velocity, the peak
value of uv/U% = —0.007 is considerably larger than for a
standard boundary layer flow, but consistent with the mag-
nitude found in flows following separated regions such as the
flow behind a backward-facing step {(e.g., Chandrsuda and
Bradshaw, 1981).

Downstream Development. The development of mean ve-
locity profiles downstream of the jets was similar for all three
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blowing ratios, and representative results for M = 0.5 are
shown in Fig. 10. These profiles show the shear layer that
develops at the lower part of the jet is still apparent at x/D
= 10, but has merged into the bottom wall boundary layer by
x/D = 30. As shown in Table I, boundary layer thickness
measurements at x/D = 30 increased monotonically with in-
crease in blowing ratio. However, the momentum thickness
for M = 0.5 was substantially greater than for the higher and
lower blowing ratios.

Contours of turbulence levels and uv shear stress down-
stream of the jet exit for M = 0.5 are given in Figs. 11 and
12, respectively. Note that the apparent trajectory of the jet
in these figures is misleading because the vertical scales have
been expanded for better resolution. Both turbulence quantities
were found to decay rapidly by x/D = 10. Similar rapid decays
in turbulence were found at the higher and lower blowing
ratios. Moreover, despite the significantly higher turbulence
levels for M = 1.0, turbulence levels for all three blowing
ratios were essentially the same for x/D > 10, although the
vertical extent of this turbulence was greater for higher blowing
ratios. At x/D = 30 the turbulence levels and uv shear stress
monotonically decreased moving away from the wall indicating
that the flow has relaxed to a boundary layer flow.

Journal of Turbomachinery

Downstream development of the turbulence level, (u?,

Table 1 Boundary layer thickness at x/D = 30

M 8/D /D
0.25 1.2 0.12
0.5 1.9 0.19
1.0 2.5 0.15

Correspondence Between Turbulence Parameters and Mean
Velocity Gradients. An important consideration from the
standpoint of modeling is the degree of correspondence be-
tween turbulence parameters and mean velocity gradients. Us-
ing M = 0.5 as a representative blowing ratio, results for 7L,
uv, and dU/dy are presented for the region above and im-
mediately behind the hole (Fig. 13), and for the development
down-stream (Fig. 14). Each of the parameters in these figures
has been normalized with the maximum measured value, which
oceurs at x/D = 2.5. Good agreement between the distribution
of velocity gradients and the distribution of uv shear stress is
immediately obvious from these two figures. The large positive
shear generated at the top edge of the jet is evident from the
profiles between x/D = 0.5 and x/D = 2.0, and the corre-
spondence with uv was found to be excellent for this shear
layer. Moreover, negative velocity gradients, which formed
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below the top edge of the jet for x/D = 0.5 and 0.75, were
found to correspond with peaks in positive uv shear stress.
Note that the turbulence level remains high in this region where
uv has a strong variation from negative to positive.

Immediately downstream of the back edge of the hole, at
x/D = 1.75 and 2.0, a second uv peak appeared below the
previous peak. Based on the contours of Fig. 9, it is apparent
that this second peak is due to the remnants of the separated
region within the inlet tube. These peaks in uv were associated
with only mild peaks in velocity gradient.

At x/D = 2.5, the shear layer at the bottom of the jet
dominates the flow. Good correspondence was found between
the large velocity gradient and both the turbulence level and
uv shear stress. As shown in Fig. 14, this good correspondence
continues downstream although the magnitude of the velocity
gradient decays faster than the uv shear stress. Beyond x/D
= 10 the shear layer is no longer distinguishable.
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Conclusions

The presence of a row of inclined jets issuing into a crossflow
at a low blowing ratio (M < 1) causes a major disturbance to
the hydrodynamic development of the turbulent boundary layer
on the wall. All turbulence quantities are substantially en-
hanced in the region downstream of the jet. At ten diameters
downstream, the presence of the jet is still clearly distinguish-
able in the profiles of the mean and fluctuating velocity com-
ponents, but the flow is approaching normal wall boundary
layer characteristics. The coincident occurrences of peaks in
the mean velocity gradient and peaks in the turbulence quan-
tities indicate that an eddy-viscosity model for the turbulence
quantities may be applicable.

Computer simulation of jets-in-crossflow require that the
flow field at the exit of the jet be specified. Previous studies
indicate that a highly nonuniform velocity profile exists at the
exit to jets issuing from long tubes. Measurements presented
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here, for the more realistic geometry of jets issuing from short
tubes, indicate that a uniform velocity profile may be a better
representation of actual film-cooling conditions.
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Cold Flow Turbine Rig Tests of the
Original and Redesigned
Compressor Turbines of an
Industrial Gas Turbine Engine

This paper describes the results of cold flow turbine rig tests carried out on the
original and redesigned compressor turbines of an industrial gas turbine engine.
Some details of the aerodynamic design of the latest variant, a brief description of
the advanced technology design methods used in this design, and a description of
the test facility are included. Bulk stage performance and detail rotor exit radial-
circumferential traverse results are presented. These test results demonstrate that
the design point stage efficiency of the redesigned compressor turbine is about six
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percentage points higher than that of the original design.

Introduction

The cooled, single-stage compressor turbine used in a two-
shaft industrial gas turbine engine was derived from the first
stage of a three-stage turbine designed in the late 1960s. In the
new application the stage pressure ratio and loading were in-
creased. In addition, the stator was restaggered closed to pro-
vide the correct engine match. This resulted in positive blade
incidence and a further reduction in stage efficiency. In order
to improve the engine performance it was decided to redesign
the compressor turbine. The design objective was to produce
a high-efficiency, reliable, long-life compressor turbine suit-
able for engine application at a firing temperature of 2410 R
(1339 K). To achieve the highest possible stage efficiency, ad-
vanced technology design methods were employed and per-
formance enhancing design features were incorporated. The
radial distributions of airfoil outlet flow angles were optimized
to result in hub and tip work unloading and high hub reaction.
Denton’s three-dimensional time-marching flow calculation
program was used to optimize the airfoil surface velocity dis-
tributions, stator lean, and stator outer endwall contour. To
verify the performance of the new compressor turbine design
prior to its introduction into a production engine, an extensive
rig test program was carried out. The original compressor
turbine design was also rig tested, to ensure the correct as-
sessment of the engine performance improvement with the new
compressor turbine. To carry out these tests the cold flow
turbine test rig was designed, manufactured, and then installed
in the Canadian National Research Council test facility in
Ottawa, Canada.

Contributed by the International Gas Turbine Institute and presented at the
33rd International Gas Turbine and Aeroengine Congress and Exhibition, Am-
sterdam, The Netherlands, June 5-9, 1988. Manuscript received by the Inter-
national Gas Turbine Institute September 1987. Paper No. 88-GT-74.

146/ Vol. 111, APRIL 1989

Aerodynamic Design

The main objective of the redesign was to produce a high-
efficiency, reliable, long-life single-stage compressor turbine,
which could be accommodated within the geometric constraints
of an existing industrial gas turbine engine (Diakunchak, 1985).
To ensure that the high-efficiency objective would be achieved,
advanced technology aerodynamic design methods were em-
ployed and performance enhancing design features were in-
corporated. The radial distributions of design point flow
conditions throughout the turbine gas path were generated by
a streamline curvature-type radial equilibrium program, which
incorporated inside-the-airfoil calculation planes. Denton’s
three-dimensional time-marching channel flow analysis pro-
gram (Denton, 1979) was used to optimize airfoil surface ve-
locities, the stator outer wall contour, and the stator lean.

The engine design point parameters for the redesigned com-
pressor turbine were as follows:

2.79
85 rev/s
2410 R (1339 K)
123.1 psia (8.488 x 105 N/m?)
238.6 1b/sec (108.3 kg/s)
129.5 Btu/lb (3.0 x 10° J/kg)
0.0537 Btu/lb R(2.247

x 102 J/kgK)

Total pressure ratio

Speed

Stage inlet temperature, 7'
Stage inlet total pressure
Stage inlet mass flow
Stage work, AA

Work parameter, AR/T

]

o

i

|

Loading factor,

Ah/(mean wheel speed)? = 2.024
Flow factor,
average axial velocity = 0.712

mean wheel speed
The aerodynamic design method used in the redesign of the

compressor turbine was highly iterative. It consisted of several
major design cycles and many minor iterations. Using ap-
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proximate initial input data, the axisymmetric streamline cur-
vature flow program was used to calculate gas path flow
conditions. Based on this preliminary information, airfoil cross
sections were designed on cylindrical surfaces. The airfoil sec-
tion surface velocity distributions were optimized with the aid
of a quasi-three-dimensional version of Denton’s program. The
three design sections were then faired to produce the three-
dimensional airfoil, which was analyzed by the three-dimen-
sional version of Denton’s program, This version of the pro-
gram was used to optimize the stator outer wall contour and
stator lean. The airfoil geometric data and the airfoil outlet
flow angles predicted by the three-dimensional program were
then fed back into the axisymmetric flow solution program
and the cycle repeated. A boundary layer program was used
to analyze airfoil cross-section surface velocity distributions
to verify the acceptability of the design. Finally, satisfactory
stator and blade designs, which satisfied both the aecrodynamic
and mechanical design criteria, were achieved.

To maximize the stage efficiency the following design fea-
tures were incorporated:

1 Radial work distribution was such that hub and tip were
unloaded relative to midspan.

2 The hub reaction (based on static pressure) was made as
high as possible and the hub-to-tip reaction variation was made
as small as possible, in order to reduce stator losses, increase
blade hub acceleration, and reduce blade tip leakage.

3 The stator outer wall was contoured as shown in Fig. 1.

4 The stator was leaned so that the angle between the
suction surface and the inner wall increased.

5 The axial stator to blade spacing was such that low airfoil
losses would result without incurring mechanical problems.

6 The blade tip clearance was kept to a minimum and the
blade tip was set at the same radius as the stator outer platform.

7 Blade platform leading edge was rounded out.

8 Stator leading edge ramps and generous airfoil fillet radii
were incorporated.

9 Stator and blade trailing edge thicknesses were made as
low as was practical for cast airfoils with internal air cooling.

10 Both airfoils were designed with account taken of in-
duced incidence.

11 Stator and blade surface diffusions were less than 15
percent on the suction surface and less than 50 percent on the
pressure surface, and aft loading was employed.

12 The gaps between stator platforms were sealed with strip
seals and those between blade platforms by pin seals, in order
to reduce platform leakage.

The final design of the new compressor turbine achieved
most of the aerodynamic design objectives. The 24 percent
meridional stator contraction (see Fig. 1) approximately
equalled the optimum value given by Deich (1960) for the new
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stator aspect ratio. The stator to blade axial gap of 56 percent
of stator axial chord was a reasonable compromise between
aerodynamic, mechanical, and blade vibration considerations.
The hub and tip work unloading were 15 and 8 percent, re-
spectively, the hub reaction was 24 percent, and the hub-to-
tip reaction variation was 6 percentage points. To achieve this
the stator outlet absolute and blade outlet relative flow angle
distributions were designed as shown in Fig. 2. The midspan
velocity triangles were as shown in Fig. 3.

Considerable design effort was required to ensure that when
the three stator design sections (see Fig. 4) were faired to
produce the three-dimensional airfoil, an insert type of cooling
scheme could be incorporated. The new stator design had 44
airfoils (compared to 40 in the original design), — 10 deg nom-
inal incidence, 4 to 7 deg uncovered turning, about 4 deg
trailing edge wedge angle, 0.120 in. (3.05 mm) trailing edge
thickness, elliptical trailing edge shape, 0.74 midspan Zweif-
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fel’s coefficient, and 1.4 axial chord based aspect ratio. The
stator had good acceleration on both surfaces (see Fig. 5), 15
percent suction surface diffusion near the trailing edge, and
less than 10 percent pressure surface diffusion. The boundary
layer analysis indicated that the stator would not have flow
separation and that the profile losses would be low.

The three blade design sections (see Fig. 6) of the 73-airfoil
design (compared to 80 airfoils in the original design) were
stacked so that the desired internal cooling scheme could be
accommodated. The new blade had close to zero nominal in-
cidence, 9 to 12 deg uncovered turning, 4 to 6 deg trailing edge
wedge angle, 0.127 in. (3.23 mm) trailing edge thickness, 0.9
midspan Zweiffel’s coefficient, and 1.2 aspect ratio. At mid-
span the suction surface had continuous flow acceleration up
to almost the trailing edge (see Fig. 7) and only about 13 percent
diffusion near the trailing edge. The pressure surface diffusion
was about 60 percent, just slightly higher than desired. The
rest of the blade had equally good surface velocity distribution,
except for the outermost streamline where the suction surface
diffusion exceeded the design requirement. The boundary layer
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Table 1 Comparison of midspan airfoil design parameters

STATOR BLADE
Parameter Original  Redesigned Original  Redesigned
Zweiffel's Coefficient 58 74 74 9
Aspect Ratio 1.0 14 1.2 1.2
Trailing Edge Thickness 12 12 16 13

Throat Opening

analysis confirmed the aerodynamic acceptability of the blade
design.

Table 1 compares the important airfoil design parameters
of the original and the redesigned compressor turbines.

In the estimation of the redesigned compressor turbine ef-
ficiency, the axial turbine loss system based on the modification
of Ainley and Matheson’s method was used. Corrections were
applied for the beneficial design features and for the harmful
cooling air and leakage effects. The hot running blade tip
clearance was assumed to be about one percent. The resulting
design point stage efficiency for the new compressor turbine
was estimated to be 87.5 percent.

Test Facility

The turbine test rig was designed to accommodate a range
of axial turbines with up to 10 lb/sec (4.54 kg/s) mass flow
rate, 4:1 pressure ratio, 117 rev/sec speed, and 600 kW output
power (Gosling, 1984). To provide the desired turbine inlet
temperature, ambient air was preheated in a combustor burn-
ing natural gas. The hot gas leaving the combustor was mixed
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with additional ambient air in an arrangement of concentric
tubes to provide good mixing at a relatively low pressure loss.
The flow then passed into a large chamber fitted with two
screens. A conical air meter was located at the end of this
chamber. From the flow meter the flow passed through a three-
branch manifold into a large plenum via baffles and two screens
before entering the test section inlet duct. The screens and the
turbine inlet duct were designed to give approximately the
correct turbulence level and inlet boundary layer thickness so
as to simulate the engine flow conditions. The test section inlet
temperature was maintained at a level to give a turbine exit
temperature approximately equal to the test cell temperature.
After passing through the turbine and the exhaust duct, the
flow was discharged through an exhauster. There was no pro-
vision made for the simulation of airfoil cooling air flows. The
turbine power was absorbed and measured with a standard
Froude 600 kW hydraulic dynamometer. The dynamometer
electronic control system provided speed measurements and
overspeed protection.

In order to simulate the engine aerodynamic operating con-
ditions as closely as possible and stay within the rig limitations,
a scale factor of 0.45 was used for the rig hardware. The turbine
stator ring was designed so that it could be rotated about the
turbine center line. This allowed radial-circumferential tra-
verses to be carried out with relatively simple traverse equip-
ment. The stators were individually cast segments in 410
stainless steel. The blades were machined from solid 6061 T6
aluminum blocks and pinned to a split disk machined out of
alloy steel forgings.

The cross section of the test rig working section and the
location of the main instrumentation planes were as shown in
Fig. 8. The flow meter upstream temperature was measured
by an eight-point thermocouple rake, the upstream total pres-
sure by a pressure transducer, and the differential pressure by
a very accurate pressure transducer and a backup water tube
manometer. The turbine inlet conditions were measured by
twelve thermocouples and twelve static pressure taps equally
spaced around the inlet plenum (see instrumentation Plane A,
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Fig. 8). At stator inlet (Plane B) there was provision for radial
traverses. Traverses carried out at this location indicated that
the inlet radial temperature and pressure profiles were flat and
that the endwall boundary layer thickness was approximately
3 percent of annulus height. Four inner and outer wall static
pressure taps were also located at stator inlet. The stator inlet
static pressure readings were used to estimate the turbine inlet
total pressure, which excluded the losses across the upstream
screen and the inlet duct. Static pressure taps (four on the inner
wall and four on the outer wall) were also located at stator
exit, Plane C (on the redesigned stage only), and Plane D. At
rotor exit (Plane C) provision was made for radial traverse
using United Sensor Type WT wedge probe. This probe, in
conjunction with the rotatable stator ring, was used to obtain
radial and circumferential distributions of temperature, pres-
sure, and flow angle. At Plane D total pressures and temper-
atures were measured with 27 Kiel probes, which had
thermocouples mounted in their stems. The probes were po-
sitioned in the annulus so as to measure a good average of the
downstream flow conditions. A well-mixed downstream tem-
perature was measured by three equally spaced six-point ther-
mocouples located farther downstream.

The pressures were measured by pressure transducers and a
Scanivalve wafer switch unit. The output from this unit and
from the thermocouples was fed into an Auto Data 9 data
logging system, which was connected to a KAY PRO II port-
able computer used for analysis and data storage. The printer
in the Auto Data 9 unit provided a hard copy of the test data.
The detailed test data analysis was carried out by a computer
located in Hamilton.

The rig operation was started by switching on the power and
services. The operation of the emergency and vibration mon-
itoring equipment was tested next. When the exhauster had
been started, closing the exhauster inlet bleed valve resulted
in the rotation of the turbine rotor. The turbine speed was
increased gradually to 33 rev/sec and the dynamometer speed
control was set to hold this speed. The combustor gas supply
valve was then opened and the igniter switched on. After suc-
cessful ignition, the igniter was switched off. Speed and load
were increased as desired by closing the bleed valve further.
The exhauster inlet depression was set to give the required
stage pressure ratio and the fuel flow was adjusted to give a
satisfactory exhaust temperature,

Test Results

Original Compressor Turbine. After the completion of rig
commissioning and instrumentation shakedown, a series of
tests was carried out to determine the overall performance of
the original compressor turbine design with 1.5 percent blade
tip clearance. At the end of these tests, radial-circumferential
traverses at the rotor exit plane were done at about a dozen
operating conditions with different speeds and pressure ratios.
The rig was then rebuilt with tip clearance increased to about
3 percent and some of the bulk tests were repeated.

The overall stage efficiencies based on the dynamometer
measured power and on the measured temperature drop (be-
tween instrumentation Planes A and D) were in excellent agree-
ment (to within 0.5 percent). Since in the rig tests of the
redesigned compressor turbine problems were experienced with
the dynamometer load cell, the temperature drop based effi-
ciency was used in the comparison of the performance of the
original and redesigned turbines. The original compressor tur-
bine stage efficiency based on the measured temperature drop
and pressure ratio derived from the calculated total pressure
at stator inlet (Plane B) and the average rotor exit pressure
measured by the Kiel probes (Plane D) was as shown in Fig.

9. For the highest speed lines tested (N/\/; = 220 and 242,
where N = rotational speed in rev/min and 7 = inlet tem-
perature in degrees Rankine) the efficiency first decreased
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slightly up to a pressure ratio of about 2.5, then increased
slightly up to pressure ratio of about 3, and finally decreased
at higher pressure ratios. This efficiency variation, although
unusual, has been observed by other researchers (Okapuu,
1974). The improvement in stage efficiency between pressure
ratios of 2.5 and 3 was probably due to reduced stator suction
surface diffusion as a result of increasing stator exit Mach
number and improved rotor acceleration due to increased re-
action. The small decrease in stage efficiency at the highest
pressure ratio tested indicated that the blade was not near limit
loading at that condition. For the two highest speed lines the
efficiency ranged between about 81 and 84.5 percent. Detailed
analysis of the bulk test results indicated that the blade inci-
dence was highly positive over most of the operating range
and that the estimated losses of both the stator and blade were
high. The airfoil losses and blade incidence were estimated
from the measured annulus static pressures, inlet and outlet
total temperatures, outlet total pressure, inlet mass flow, stage
work and rotational speed, and using continuity and com-
pressible gas equations.

The test rig measured stage efficiency was lower than that
based on previous engine test results. This was an unexpected
result, since rig efficiencies are usually higher than correspond-
ing engine efficiencies because of absence of losses associated
with airfoil cooling, leakages, etc. This result was partially due
to much higher than desired surface roughness of the cast
stators (about 300 uin., 7.6 um, compared to the desired 32
win., 0.8 um) and lower airfoil Reynolds numbers in the rig
than in the engine (however the rig Reynolds numbers were
higher than the critical value). A contributing factor was the

150/ Vol. 111, APRIL 1989

pressure loss due to flow mixing and endwall skin friction
between rotor exit and the downstream instrumentation Plane
D. The last reason was given credibility by the radial-circum-
ferential traverse results, which indicated up to 2 percent higher
efficiency for equivalent test points. Therefore, based on the
radial-circumferential traverse results, a correction to the av-
erage mixed-out rotor outlet pressure was derived and was then
used to correct the bulk stage efficiencies. The variation of
corrected efficiency with pressure ratio was similar to that in
Fig. 9, but with increased efficiency in the higher pressure ratio
range. The corrected efficiency was in better agreement with
engine test results, keeping in mind the differences in stator
surface roughness and Reynolds number between rig and en-
gine.

The rig test results indicated that the swallowing capacity
was about 2 percent higher than expected even though the
measured geometric throat area of the rig stator was small by
0.8 percent. This result could have been due to instrumentation
error (especially in the measurement of mass flow) or leakage
around the stator. However it was believed that the leakage
was small because of the sealing used around the stator.The
nondimensional mass flow was constant above a pressure ratio
of about 2.2 and there was little variation with speed. These
results confirmed that this was a stator choked design.

The radial-circumferential rotor exit traverses were done at
different speeds and pressure ratios covering a wide range of
the compressor turbine operating conditions. Each traverse
covered approximately one stator pitch. For each condition
data were recorded at 10 circumferential and 24 radial loca-
tions. Since nulling the probe at each traverse position would
have resulted in excessive traverse lines, a calibrated United
Sensor WT wedge probe was used to measure the total and
static pressure, total temperature, and flow angle. At high stage
pressure ratios (i.e., near the design point) the total rotor exit
mass flow estimated from the traverse results was up to 10
percent higher than the value measured by the flow meter,
This was due to inaccurate estimation of static pressure because
the probe calibration data was obtained at lower Mach numbers
than were experienced in the rig. Although the probe calibra-
tion error affected the static pressure and flow angle, it did
not affect the total pressure measurement and hence the es-
timated efficiency based on the average of the total pressures.
The streamline efficiency estimated from traverse results taken
over one stator pitch, at a pressure ratio of about 2.9, and

N/\/? = 220, was shown in Fig. 10. These results showed
high efficiency cores in the lower part of the annulus, the
location of the stator wake, and a severe dropoff in efficiency
over the outer 40 percent of the annulus. The latter could be
attributed to blade tip leakage effects, since the efficiency
exhibited very little circumferential variation. The variation of
mass-averaged streamline efficiency with annulus height at 2.9
pressure ratio and two speeds was as shown in Fig. 11.
After the completion of the radial-circumferential traverses,
the test section was rebuilt with blade tip clearance increased
to about 3 percent of blade height. For the two highest speed
lines, the decrease in efficiency was about 1.5 percent compared
to previous tests with 1.5 percent blade tip clearance. Thus the
decrease in efficiency was about one percent for each percent
increase in tip clearance. This variation was much less than
was expected for the highly loaded blade design. It is possible
that the change in efficiency with tip clearance was obscured
by the high blade loss due to highly positive blade incidence.

Redesigned Compressor Turbine. The redesigned com-
pressor turbine rig tests were carried out at the same 1.5 percent
blade tip clearance as in the original turbine, although the
engine hot running blade tip clearance was expected to be about
1 percent. The variation of stage efficiency based on the meas-
ured temperature drop was as shown in Fig. 12. The results
exhibited more scatter than in the tests of the original com-
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Fig. 13 Nondimensional mass flow versus pressure ratio, redesigned
compressor turbine

pressor turbine. The average lines drawn through the points

for the two speed lines (N/\/;" = 232 and 255) did not have
the same shape as the two highest speed lines in the original
design. This was as expected because of improved airfoil sur-
face accelerations in the new design. At the rig design point

pressure ratio of 2.9 and the design speed (N/ \/;” = 232), the
redesigned compressor stage efficiency was 88.7 percent, or
almost six percentage points better than that of the original

design (see the interpolated N/\/-Y_" = 232 speed line from the
original turbine test results, shown on Fig. 12). The detail
analysis of the design point test results showed that the blade
incidence was close to zero and that both the stator and blade
losses were considerably lower than in the original design.

When the previously described outlet pressure correction was
applied, the redesigned compressor turbine design point effi-
ciency was estimated to be about 90 percent, or about 6 per-
centage points higher than that of the original design. The
improvement was mostly due to the improved design technique
and the performance enhancing features incorporated in the
new design, since the positive blade incidence in the original
design accounted for only about one percentage point of the
improvement. Based on the rig test results it was estimated
that the redesigned compressor turbine engine ‘‘cooled’’ ef-
ficiency would exceed the 87.5 percent design value by one to
two percentage points.

The rig test results indicated that the nondimensional mass
flow of the redesigned compressor turbine was about 4 percent
too high. This result agreed well with the geometric stator
throat area, which was measured too large by 3.85 percent.
Beyond a pressure ratio of about 2.3 the nondimensional mass
flow was constant (see Fig. 13), as was expected for a choked
stator design.

The static pressure based stage reaction variation was shown
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in Fig. 14. The design point hub reaction was 26 percent and
the tip reaction was 30.6 percent, compared to design values
of 24 and 30 percent, respectively. The mean reaction was
therefore slightly higher than design. This could be explained
by the larger than required stator throat area. The smaller than
expected hub-to-tip reaction variation was perhaps due to air-
foil outlet flow angle distributions being different from those
assumed in the design or due to a measurement error in the
stator exit stafic pressure.

The streamline efficiency estimated from the radial-circum-
ferential traverse results taken at the design point indicated
that the best performance was obtained over the lower half of
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the annulus (see Fig. 15). From about 40 percent of annulus
height the efficiency decreased. The tip leakage effect was less
pronounced than in the original design and the effect of stator
wake was less obvious. The latter effect could be due to reduced
stator trailing edge thickness and lower stator profile losses in
the redesigned compressor turbine. Based on the inspection of
rotor outlet temperature, pressure, and outlet swirl angle dis-
tributions, the decrease in midspan efficiency was due to a
decrease in temperature drop as a result of flow underturning,
and not due to a high pressure loss. Further investigation would
be required to determine if the midspan efficiency could be
improved by stator or rotor restagger, or by a stator redesign.
The radial variation of streamline efficiency with annulus height
at about 2.9 pressure ratio was as shown in Fig. 16. The com-
parison of Figs. 11 and 16 indicated that the efficiency of the
redesigned compressor turbine showed a considerable im-
provement over that of the original design over the complete
span.

Conclusions

1 The corrected stage efficiency of the original compressor
turbine design was close to the expected value derived from
engine results.

152/ Vol. 111, APRIL 1989

2 The redesigned compressor turbine design point rig effi-
ciency, based on measured temperature drop, was about 88.7
percent, or about six percentage points higher than that of the
original design.

3 The corrected design point efficiency of the new design
was about 90 percent,

4 The swallowing capacity of the new design was higher
than expected due to overly large stator throat area.

5 The redesigned compressor turbine design point hub and
tip reactions were close to the expected values.

6 The radial-circumferential traverse results showed that the
redesigned compressor turbine efficiency was higher across the
whole annulus than that in the original design.
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Turbulence Measurements in a
Multistage Low-Pressure Turbine

The flow in the rotor blades of a five-stage low-pressure turbine was investigated
experimentally using hot-film probes. Time averaging, Fourier transforms, and
ensemble averaging are applied for data reduction. The techniques prove to be a
very helpful instrument for the assessment of the flow characteristics in the relative
Jrame. A strong interaction is identified between two successive rows of rotor blades.
A physical model, developed from velocity and turbulence results, gives a compre-
hensive understanding of the phenomenon. The main parameter is the nonuniformity
of the flow entering the downstream blade row. Separation occurs when the wake
of the upstream rotor blades enters the blade passage near the leading edge, preferably
on the pressure side. The interaction is quasi-steady in the relative frame and rotates
with the rotor speed. It was observed only in one of three investigated blade rows.
Further studies are necessary to identify the mechanism correlating the nonuniformity
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to the separation.

Introduction

Subsonic turbomachinery has been developed to extremely
high performance levels. Low-pressure turbines for aircraft
engines can be designed today with efficiencies well beyond 90
percent for high-altitude, low-Reynolds-number operation.
This has become possible with the application of complex
numerical prediction systems. The design methodology how-
ever is based and still heavily relies on precise and detailed
experimental results. Accordingly, development work on test
facilities and instrumentation has made a significant contri-
bution to this evolution. A variety of sophisticated and versatile
measurement techniques are currently available to the aero-
dynamicist.

All of these experimental techniques can be easily applied
to the flow in stationary parts. Difficulties arise with meas-
urements of the rotor flow. The main problem is the transfer
of the signals from the rotating to the stationary frame. These
difficulties have been overcome in the low-speed research tur-
bines reported upon by Dring and Joslyn (1981) and Hodson
(1985), but they still present a considerable obstacle for in-
vestigations in original size, high-speed industrial turboma-
chinery.

For application in the latter cases two direct methods, meas-
uring the flow within the rotor blade passage, and one indirect,
measuring the wake, have emerged from the work of the past
several years.

¢ The use of telemetry to transmit the signals of transducers
located on the rotating parts, as discussed by Hourmouziadis
and Lichtfuss (1985). Basically all measurements possible in a
guide vane can be repeated in a rotor blade. The necessary
equipment, however, is very complex and requires an extremely
careful calibration procedure. The method is only applied when
no alternatives are available.

Contributed by the International Gas Turbine Institute and presented at the
33rd International Gas Turbine and Aeroengine Congress and Exhibition, Am-

sterdam, The Netherlands, June 5~9, 1988. Manuscript received by the Inter-
national Gas Turbine Institute September 1987. Paper No. 88-GT-79.
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e ] aser anemometry uses a device located on the stationary
frame to measure the flow in the rotor blade passage. It has
been successfully applied, for example by Binder (1985) in a
turbine and by Williams (1987) in multistage compressor in-
vestigations. Its application is rather time consuming. The
limitations however arise mainly from the ‘‘visibility’’ of the
flow to the laser beam, particularly for shrouded blades, com-
monly used in low-pressure turbines.

e In the indirect method hot-wire probes are used in the
stationary frame downstream of the rotor. The unsteady signal
is then processed to analyze the rotor wake. This method has
been successfully applied by Pfeil and Schroeder (1981) for
fundamental research and by Sharma et al. (1985) for low-
speed turbine investigations.

These three methods were then considered for application
in the five-stage low-pressure turbine shown in Fig. 1. Stage
and measuring station numbering is also defined in the figure.
The first stage of the low-pressure turbine is the third stage in
the engine. Because of the conditions imposed by the turbine
design and the test rig, hot-film probes were selected. These
special measurements were part of a comprehensive program
both for verifying the performance and for detailed flow anal-
ysis. It comprised the following:

performance characteristics,

Reynolds number variation,

radial traverses of three- and five-hole probes,

tangential traverses of complete instrumentation at the

exit plane,

® measurement of static pressure distributions on the guide
vanes,

e boundary layer investigations using surface hot films on
the first and last guide vane and

¢ hot-film probe measurements behind the second, fourth,

and last rotors (Fig. 1).

Some of the results of the hot-film probe measurements
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measuring planes for turbulence measurements
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Fig. 1
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Low-pressure turbine
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mid-span

Rotor 4 Stator 5

measuring
location

Fig. 2 Location of measuring plane 4 and fiber-film probe (DANTEC
55R01)

downstream of the rotor blades are presented and discussed in
this paper.

Experimental Apparatus and Test Conditions

The measurements were made using straight hot-film probes
traversed radially through the measuring planes downstream
of the stage 4, 6, and 7 rotors (Fig. 1). It was not possible to
have more than one probe at each plane. Circumferential tra-

Nomenclature

Table 1 Location of measurement stations

Measuring plane Distance between probe
and TE of rotor

(in relative flow direction)

4 1.04 x true chord
6 0.80 x true chord
7 4.50 x true chord

verses and thus measurement of the effects of the stator were
not possible. Because of the short axial gaps between the suc-
cessive rows, the probes at planes 4 and 6 had to be arranged
slightly offset toward the next stator stage within the flow
passage (see Fig. 2). However, this is of no consequence as far
as the results are concerned, since the purpose of this in-
vestigation was to look at relative fluctuations in the distri-
butions acquired by the methods used. The representation of
the measured data as relative fluctuations was chosen to com-
pare the data obtained at different spans and measuring planes.
For technical reasons, plane 7 had to be located far downstream
from the stage 7 rotor (Fig. 1). The distance between the meas-
uring planes and the trailing edge of the rotor at midspan is
shown in Table 1.

All measurements were carried out at design pressure ratio
and corrected speeds. The Reynolds numbers used for the tests
were Re = 120,000, 170,000, 230,000, and 493,000, where
Re = 170,000 corresponds to altitude operation, and the take-
off Reynolds number is about 380,000.

Measurement and Instrumentation

The hot-film probes type DANTEC 55R01 (Fig. 2), operated
in constant temperature mode, were adjusted at midspan to
measure the mean absolute velocity and were kept at that
position during the spanwise traversing. The flow angle could
not be measured.

This procedure resulted in an error for the mean velocity
measurement at off-midspan positions, which however was
negligible because of the small spanwise variation of the flow
angle. The fluctuating component parallel to the hot-film sen-
sor axis was not measured in accordance with the well known
cosine law described by Champagne et al. (1967). For that
reason in the velocity fluctuations and turbulence intensities
measured only two velocity components are included.

The linearized hot-film probe signals, as well as the trigger
signal required for the ensemble averaging (1 pulse per rotor
rotation), were recorded using a Honeywell 101 high-perform-
ance tape recorder. Analysis was made after the tests had been
completed.

Data Reduction

An example of a typical measured velocity distribution is
shown in Fig. 3. Because of the superposition of periodic and
random fluctuations, direct physical analysis of the distribu-

~
I

amplitude of spectral analy-
sis of velocity fluctuation
(rms)

absolute flow velocity
absolute flow velocity fluc-
tuation (random part)
frequency

reduced blade span

chord length
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Fig. 3 Typical velocity record behind a rotor (rotor 4, 50 percent span,
REA493)

tions is not possible. Therefore, the following three procedures
were used for analyzing the velocity behavior:

e Fourier transforms
e Ensemble averaging
e Time averaging

Fourier transforms of the tape-recorded signals were made
using an HP 3562 FFT analyzer, where the frequency spectra
were obtained from the superposition of 64 individual fre-
quency analyses (free-run mode). In keeping with the frequency
limits of the probes and the tape deck, a frequency limit of
20 kHz was selected. The amplitudes (rms values) were plotted
linearly over the frequency and normalized with the time-av-
eraged mean value of the velocity ¢.

Ensemble averaging was the main data reduction method
used. It is particularly suited for the investigation of period-
ically unsteady flow processes, enabling the periodic fluctua-
tions to be separated from the random fluctuations. This
procedure, described for example by Bendat and Piersol (1986),
has already been used frequently in hot-wire probe measure-
ments in investigations of unsteady flows in turbomachinery
(Lakshminarayana and Poncet, 1974; Evans, 1975; Gostelow,
1977; Lakshminarayana, 1981; Hodson, 1985; Pfeil and Sie-
ber, 1986) as well as in model tests (Pfeil and Schroeder, 1981).
The results presented here were obtained using an HP 9000
series 300 computer plus AD converter. The technical details
and the parameters used in the ensemble averaging are listed
in Table 2.

The rotor wake is seen by the probe in the absolute frame
of reference as a periodic fluctuation with a random disturb-
ance superimposed. In the ensemble-averaging technique, data
are collected with every rotor revolution, thus separating the
periodical from the random fluctuations. The equations for
calculating the periodically fluctuating mean velocity &(¢) and
the periodically fluctuating random unsteadiness (rms value)

A/ ¢’? (1) given by Bendat and Piersol (1986) are
Ensemble-averaged mean velocity:

- 1 &
l(t) = NE c;i(t) (1
i=1

Ensemble-averaged random unsteadiness:

I~ .
VR = [ B lew-swr @

tj=0 ...... T

J=1...... M

where ¢; represents the jth sample in the ith time record of
digitized and stored values.

The time-averaged mean velocity was obtained by integra-
tion of the ensemble-averaged é(¢). The identical value is ob-
tained from the time averaging of the original velocity c(f)
shown in Fig. 3.

Journal of Turbomachinery

Table 2 Ensemble averaging parameters

Throughput 102.4 kHz

Tape speed reduction 1:32
for ensemble averaging

Conversion resolution 0.012% (14 bit)

Number M of sampling points 2048
per record
Number N of records in 75 - 200
ensemble averaging
A
11ﬁ
¢
c /‘
1.0 - 4
\/ \_/ \\/ )
0.8
. plane 4, 40%span, Re,q,
4
6|
Tu
(%)
Y
o

time
Fig.4 Absolute velocity ¢/¢ and turbulence Tu distributions (ensemble
averaged)

Time-averaged mean value:
T

- ¢ Lewar - 4 {
C=71 Uc(t)dt—? o

The time-averaged random unsteadiness ¢'2, as well as
the associated turbulence intensity 7u, do not contain a
periodically fluctuating mean velocity component &(¢). This
is in contrast to the parameters determined with an analog true
rms voltmeter from c(¢).

c(t)ydt; ie,é=¢ )

Time-averaged random unsteadiness:

1 T
T SO é'2 (t)dt “)

Associated turbulence intensity:
Tu=~¢8%c¢ (5)
The time-averaged mean value ¢ was used for normalizing the

ensemble-averaged values to enable the resuits, obtained at
different locations, to be compared with one another.

Normalized ensemble-averaged mean velocity:
é(y/ec ©®

Normalized random unsteadiness:

Tu(t)y = N &2 (1)/¢ 0)
The time dependence of the random unsteadiness indicates the
variation of the turbulence intensity across the rotor wake.
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Fig. 5 Radial turbulence distribution Tu

As an example, in Fig. 4 distributions of é/¢ and Tu are
plotted. In this diagram three rotor blade periods with the
maximum wake depth measured are shown. According to the
parameters given in Table 2 each period consists of 18 sampling
points (intervals).

Discussion of the Results

Time-Averaged Mean Values. An initial survey of the flow
conditions at the above-specified measuring planes is given in

Fig. 5, which shows the turbulence intensity Tu versus blade
span.

In measuring plane 4 downstream of the second rotor, a
pronounced variation in the turbulence over the blade span
occurs at all Reynolds numbers, where the high values in the
casing and hub areas are probably attributable to the secondary
flows encountered at these regions. It is noticeable that these
areas exhibit a smaller variation with the Reynolds number
than the mainly two-dimensional flow between approximately
25 and 70 percent blade span. To facilitate the physical inter-
pretation of the results, only the midspan region is considered
in the following discussion. The marked dependence of tur-
bulence on the Reynolds number near midspan continues up
to Re,o; and presumably does not end there. The overall high
level of the turbulence intensity leads to the conclusion either
that the probe was located within the wake of the stage 4 stator
or that separation occurred on the blade of the stage 4 rotor.
A more detailed analysis is given later.

In measuring plane 6 the pronounced radial variation of
turbulence, accompanied by the strong increase toward the
casing and hub, is no longer recognizable, suggesting that the
secondary flows in the rear stages of the turbine are not as
strong as in the forward stages. Major differences can be also
observed in the midspan region. At Re ,, turbulence levels are
about the same as in plane 4. For higher Reynolds numbers
however they drop significantly down to values of only about
2 percent. It should be kept in mind that in both stations the
distance of the probe from the trailing edge was approximately
the same (Table 1). The Reynolds number does not appear to
have a significant influence beyond 170,000. The turbine was
designed to perform efficiently down to Reynolds numbers of
about 150,000 and this has obviously been achieved in this
case. The high turbulence levels at Re,,, indicate that the flow
has started to separate.

Station 7 lies farther downstream of the cascade than planes
4 and 6, limiting the possibility of making a quantitative com-
parison. Qualitatively, however, the picture is similar to that
at plane 6. The turbulence shows an abrupt drop between Re,;
and Re;7, and remains constant up to the highest Reynolds

156/ Vol. 111, APRIL 1989

number, Despite limited comparability, the test results indicate
that the last stage performs very similar to that upstream of
station 6. The lower turbulence levels are probably attributable
to the dissipation over the greater distance between the trailing
edge and the measuring plane.

Summing up, it may be said that the rotor flow at planes 6
and 7 exhibits similar behavior, but is quite different at plane
4, where generally higher turbulence intensity should be noted.
Station 7 will not be included in further analysis.

Frequency Spectra. The frequency spectra at planes 4 and
6 at 40 percent span are presented in Fig. 6. For sake of clarity,
only the distributions for Re,y and Reyq; are shown.

One of the conclusions of the discussion of Fig. 5 was that
the turbulence intensity was reduced with increasing Reynolds
number. This was particularly clear at station 6. This trend
can be seen again for the broad band noise in the frequency
spectra, which is equivalent to the turbulence intensity. The
very low amplitudes at 20 kHz demonstrate that the frequency
range of the measurement system used (0-20 kHz) was suitably
chosen.

At station 6, it is accompanied by a change in the structure
of turbulence. There is a distinct reduction of the lower fre-
quency noise. The experimental results of Hourmouziadis et
al. (1987) show that this is an indication of separation for the
lower Reynolds number Re, .

Several peaks, which correspond to the blade passing fre-
quencies or their harmonics, rise above this turbulent noise.
As can be seen from the diagrams, the higher Reynolds num-
bers are not only associated with reduced turbulence, but also
with a clear reduction in the periodic fluctuations. This indi-
cates that the velocity defect in the wake also greatly depends
on the Reynolds number. Here again one is struck by the
difference between the two stations. While only a slight drop
in the periodic fluctuation with increasing Reynolds number
is recognizable at plane 4, the reduction at plane 6 is consid-
erable.

The most important difference in the frequency spectra be-
tween the two measuring planes, however, lies in the occurrence
of a second peak in addition to that at the blade passing
frequency of rotor 4 (f4) at plane 4. This second peak, which
is associated with a somewhat lower frequency, corresponds
to the blade passing frequency of the stage 3 rotor (f3), which
has two blades less. At Reso; both have practically the same
amplitude. At measuring plane 6 a second peak from the up-
stream rotor is almost nonexistent. Only a small second peak
at Rejy, can be observed on the right of f6. It belongs to the
stage 5 rotor, which has two blades more.
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Fig. 6 Frequency spectra (linear)

The results discussed above indicate that the flow through
the stage 4 rotor is strongly influenced by the rotor of the
upstream stage 3. In fact the wake of rotor 3 can be readily
identified in the measuring plane. One could consider sepa-
rating the two wakes by means of an inverse Fourier transform,
to analyze the flow of the upstream rotor blades. This was not
attempted, because it is only possible if the superposition of
t_he two flow fields is linear. In reality there is a strong non-
linearity present, particularly when shear layers, such as wakes
and boundary layers, interact. The resulting flow behind the
;;econd rotor shows only the response to the nonuniform inlet

ow.

Journal of Turbomachinery

Ensemble-Averaged Values. For the further analysis of the
difference between planes 4 and 6, Figs. 7 and 8 show the
distributions of the ensemble-averaged velocity ¢/¢ and tur-
bulence intensity Tu. For easier comparison, the distributions
of all four Reynolds numbers are presented in each figure. The
abscissa length corresponds to slightly more than one revo-
lution of the rotor (time in the absolute frame or circumfer-
ential position in the relative frame).

In the velocity distribution, in the upper part of each figure,
each downward pointing peak corresponds to the absolute
velocity defect of a wake. The maximum value in between
corresponds to the flow velocity in the inviscid core flow be-
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Fig.8 Absolute velocity é7¢ and turbulence Tu distributions (ensemble
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tween the blades. The arrow in Fig. 7 (Rey;) indicates the
position of the wakes plotted enlarged in Fig. 4. There is a
phase shift in the turbulence fluctuations. The high values
indicate the wakes and the minimum turbulence levels the
inviscid flow.

Looking at the results of plane 4 (Fig. 7), the most surprising
aspect concerning the wake and core flow envelopes is that a
marked change in both the velocity and turbulence occurs
around the rotor circumference. A beat frequency of 2 can be
clearly identified. For example, at Re;;, the velocity defect of
a wake is about 5 percent of the mean value in the node of
the envelope, and about 20 percent in the antinode. The min-

" imum increase in the turbulence during a wake passage is about
2 percent in the node and the maximum about 5 percent in the
antinode.

Considering the frequency spectra results, it is easy to con-
clude that the cause of this circumferential periodicity lies in
the interaction between the stage 3 and 4 rotors. There is a
difference of 2 in the number of blades of the two rotors. If
the flow through the stage 4 rotor is affected by the nonuniform
flow from the stage 3 rotor, this is reflected in a fluctuation
in the envelope with the frequency f4 —f3 = 2fy,,,. Conse-
quently, a beatlike distribution with two nodes and two an-
tinodes appears at plane 4 (Williams, 1986; and Epstein et al.,
1986). The shift of the relative circumferential position of these
nodes at Reyq; in comparison with the other Reynolds numbers
is only caused by a change in the trigger position and is not
related to the flow.

The absolute velocity defect in an antinode is largely un-
affected by the Reynolds number and amounts to a maximum
of 18-20 percent of the mean value. With a distance of the
probe from the trailing edge of about one chord length (Table

158/Vol. 111, APRIL 1989

1), such a wake depth signifies that boundary layer separation
has taken place (Hourmouziadis et al., 1986). In contrast, in
theregion of the nodes the wake depth at Re,o; is only 3 percent,
which indicates that no separation occurs. From Re;7y to Rejy
amarked increase of wake velocity defect takes place. It should
be noted again that the turbine was designed to perform mar-
ginally below Re = 150,000, and this appears to be true only
in the node region.

A further indication of separation in the region of the max-
imum ¢ fluctuations in the antinodes is the turbulence distri-
bution. It exhibits a sharp increase of 4-5 percent at Re;,y and
of about 4 percent at Reyy; from the core to the wake flow.
In the node area, the increase is considerably smaller, amount-
ing to roughly 1.5-2 percent.

The turbulence between the wakes of rotor 4 is given by the
minimum values in Fig. 7. This base turbulence is generated
by stator 4 and the other upstream blade rows and likewise
exhibits a pronounced double period per revolution of the
rotor.

Despite the same difference in the number of blades between
the stage 5 and 6 rotors, a beatlike distribution of the velocity
¢ and variation in the turbulence extrema do not occur at plane
6 (Fig. 8). However, the interaction between these two rotors
isrevealed in a slight waviness of the velocity with the frequency
(f5-£6), that is with the half period of a rotor revolution. A
considerable difference to plane 4 also lies in the maximum
velocity defect in the wake. At Re,y it is about 11 percent,
but has already decreased considerably to about 3.5 percent
at Re,; followed by only a slight change to about 3 percent
at Reyg;. The turbulence changes similarly between Reyy, and
Re 7. The basic (minimum) level drops from approximately 4
to 2 percent and the increase during the wake passage changes

Transactions of the ASME

Downloaded 01 Jun 2010 to 171.66.16.67. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



wake avenue
relative to

rotor 3 /

Fig. 9 Rotor 4 inflow conditions (schematic)

incoming wake avenues of upstream rotor

|

]
|

|

2
core flow turbulence level
downstream of the rotor
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from 2.5 percent to less than 1 percent. Considering that the
basic level essentially indicates the turbulence generated by the
two blade rows upstream of rotor 6, it may be assumed that
both the stage S rotor and stage 6 stator do not experience any
further significant change with the Reynolds number. The tur-
bulence increase during the wake passage reflects the boundary
layer flow of the stage 6 rotor only. No Reynolds number
effects can be observed beyond Re;.

Comparison of the velocity fluctuations at the two measuring
planes reveals similar behavior of the wakes in the nodes at
plane 4 and in the distributions at plane 6. For Reynolds num-
bers of 170,000 and higher the airfoils perform satisfactorily
in both cases. At Re,, complete separation is about to occur
on the blades of rotor 6 and on those of rotor 4 lying in the
nodes. It should be pointed out that the ensemble-average
technique permits some kind of steady-state evaluation of the

flow in the rotating frame. The beat frequency shown in Fig.

7 always involves the same blades. It is always the same airfoil
that separates in the antinodes or has attached flow in the
nodes. This flow structure rotates with the rotor speed and
appears in the manner described here, whenever the blading
is located in the same relative position to the stator vanes.

Model for Interpretation of Results
In order to investigate the physical phenomenon more deeply,
the following two questions need to be considered in detail:

® What is the reason for the distinct variation of the min-
imum turbulence envelope?

® Which parts of the upstream rotor wake are responsible
for the separation in the stage 4 rotor?

Journal of Turbomachinery
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To help answer these questions, the nature of the nonuni-
form flow to a rotor is shown schematically in Fig. 9. The
wakes shedded from the rotor are chopped and distorted by
the stator, and are convected downstream in the absolute flow
direction (Binder et al., 1985; Hodson, 1985; Joslyn et al.,
1986; Tweedt et al., 1985). The thick broken lines indicate the
stator wakes, and thus absolute flow direction. Considered
from the relative system, the wake segments are arranged in
an avenue to the downstream rotor. The relative flow direction
of the individual wake avenues is represented by lines and
circles. The difference in the number of rotor blades now causes
a tangential phase shift of the wake avenues to the blades. For
example, the wake avenue at the bottom in Fig. 9 impinges
on the leading edge of the rotor blade, while the avenue of
wake segments at the top flows into the blade channel. In a
straight cascade test section similar flow situations were sim-
ulated by Wittig et al. (1987).

This phase shift of the incoming wake segments is illustrated
schematically again in Fig. 10. The smaller number of blades
of the upstream rotor causes the relative positions of the wakes
to shift in the circumferential direction. A wake, flowing for
example into the middle of the duct (position A), is followed
in the direction of rotation of the rotor by one that has shifted
somewhat toward the pressure side. The associated turbulence
distribution in the core flow encountered downstream of the
rotor is shown in the lower part of the figure, in which the
wake areas have been deliberately omitted.

In the core flow, in the almost inviscid region between the
blades, the incoming turbulence will change only slightly, since
no further turbulence is created and the dissipation at the
Reynolds numbers in question is rather low. This means that
a highly turbulent inflow is also reflected in the core flow
downstream of the blade row and a low turbulence flow re-
mains low passing through the cascade. The wake avenue en-
tering the row between two blades at A in Fig. 10 will result
in higher turbulence levels in the core flow downstream of the
cascade. Several blades to the left and to the right the wake
segments impinge on the leading edge and do not enter the
main flow in the blade passage. This leads to lower core flow
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turbulence levels at the exit of the cascade. This results in a
wavelike variation of the base turbulence. The fact that the
turbulence in the wakes is clearly greater than in the inviscid
main flow indicates that the waviness should be reflected in
the envelope of the minimum values of the turbulence. In the
case discussed here, with a difference of 2 in the number of
blades between the stages 3 and 4 rotors, there must be two
maximum and two minimum values for every revolution of
the rotor.

The distributions of the normalized ensemble-averaged mean
velocity ¢/¢ and the corresponding turbulence intensity Tu
for station 4 from Fig. 7 are shown again in Fig. 11 for Reyes.
The waviness in the basic turbulence, mentioned above, is
clearly recognizable. The corresponding positions of the wake
avenues flowing into the stage 4 rotor are also shown. The
position of the node in the velocity distribution, where no
separation occurs, is indicated by an arrow. As already de-
scribed above, the lowest increase in the turbulence in the wake
occurs in the vicinity of this node. The node and thus the
lowest increases in turbulence occur roughly between the max-
imum and minimum values of the basic turbulence. A marked
reduction in the turbulence increase during wake passage is
already noticeable at the maximum base turbulence, and this
is maintained until just before the minimum value is attained.
Approximately five to ten wake peaks before this, pronounced
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increases in turbulence during passage of the rotor wakes can
be observed. This means that flow separation at the rotor
blades does not occur when the wakes from the upstream rotor
enter the rotor between the center of the core flow and the
suction side of the blades. If the rotor wake impinges at the
leading edge of the blade or slightly toward the pressure side,
separation will occur.

Further confirmation of these results is provided by the
analysis of the individual wakes. For this purpose, Fig. 11 is
plotted enlarged in the region 2-10 ms in Fig. 12 to permit
their better separation. The periodicity of the stage 4 rotor is
marked with dashes to show the minimum velocity and max-
imum turbulence in each case. The slight displacement between
the two is caused by the fact that changes in the relative di-
rection of flow along the wake result in a mismatch between
the wake of the absolute and relative velocity (Joslyn et al.,
1986; Pfeil and Schroeder, 1986).

The dots in Fig. 12 indicating the periodicity of the stage 3
rotor are arranged such that they correspond with the second
peak in the node region (5-6 ms) in both the ¢ (downward
pointing peak) and the Tu distributions. This twin peak rep-
resents the flow resulting from the response of the rotor 4 to
the nonuniformities of the inlet flow. An ‘‘intermediate wake”’
develops and is superimposed onto the main wake.

It can be clearly seen in the velocity distribution ¢ that this
“‘intermediate wake’’ changes position relative to the main
wake according to the different pitches of the two rotors. In
the region of 5 ms it is exactly in between the wakes of the
stage 4 rotor. Proceeding to the left, it approaches the pressure
side of the wake of the stage 4 rotor, and at about 4-3 ms a
clear increase in the wake depth and mixing occur with the
result that the wake from the stage 3 rotor is recognizable only
as a slight pressure side kink on the main wake. Proceeding
right from the node at 6 ms, the behavior is similar or even
more pronounced, but here the main wake is now approached
from the suction side. The wake depths again increase con-
siderably after approximately 7.5 ms reaching a maximum at
around 9-10 ms.

The turbulence distribution exhibits a similar behavior. The
twin peaks in the vicinity of the nodes are much more pro-
nounced, and without the marked dots and dashes, it would

Transactions of the ASME

Downloaded 01 Jun 2010 to 171.66.16.67. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



be impossible to separate the wakes of the stage 3 and 4 rotors.
The variation of turbulence intensity, described in Fig. 7 and
11, originates from the two wakes present in the node area
with the two peaks being virtually equally pronounced.

The physical model developed for the interaction of two
blade rows permits a complete interpretation of the experi-
mental results and gives a comprehensive understanding of the
nonuniformity and the Reynolds number effects observed in
the rotor 4 wake.

Concluding Remarks

The experimental investigation presented here shows that
hot-film probe measurements combined with the ensemble-
average technique are a very useful method for the analysis of
rotor flow in turbomachinery. Appropriate evaluation of the
test results gives a clear indication of the presence or absence
of profile separation.

Quite strong interactions between rotating blade rows were
identified. They are caused by the wakes of the upstream rotor
convected downstream through the guide vanes and generating
a nonuniformity at the inlet to the next row of rotor blades.
Detailed analysis of the ensemble-averaged velocity and tur-
bulence intensity distributions led to the conclusive results (Fig.
13):

e Separation is triggered when the upstream rotor wake
enters the blade passage near the leading edge, preferably on
the pressure side.

® No separation occurs when the wake enters with the core
flow in the midpassage region.

The phenomenon is quasi-steady in the relative frame and
rotates with the rotor speed. The separated or attached flow
always involves the same individual airfoils and is repeated
periodically whenever their relative position to the guide vanes
is the same.

The measurements were carried out only in one circumfer-
ential location. Any influence from the stator therefore could
not be separated. It is very clear, however, that the main
parameter is the nonuniformity of the flow. The interaction
was observed only in one of the three rotors investigated. The
mechanism leading to the particular interaction cannot be ex-
plained at present and further investigations are required.
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U'nsteady Interaction Effects on a
Transitional Turbine Blade
Boundary Layer

Results are presented illustrating the detailed behavior of the suction surface
boundary layer of a transonic gas turbine rotor in a two-dimensional cascade under
the influence of both free-stream turbulence and simulated nozzle guide vane wakes
and shocks. The instrumentation included thin film resistance thermometers along
with electrical analogues of the one-dimensional heat conduction equations to ob-
tain wide bandwidth heat transfer rate measurements in a short duration wind tun-
nel. This instrumentation provides sufficient time resolution to track individual
wake and shock-related events and also the turbulent bursts of a transitional bound-
ary layer. Wide bandwidth surface pressure transducers and spark Schlieren
photography were used in support of these heat transfer measurements. The results
showed a direct relationship between the passage of wake disturbances and transient
surface heat transfer enhancements. It was possible to track both wake and transi-
tional events along the surface and to compare these with the expected convection
rates. Analysis of the signals allowed direct calculations of intermittency factors,
which compared well with predictions. Additional effects due to a moving
shock/boundary layer interaction were investigated. These resulted in marked varia-
tions in heat transfer rate both above and below the laminar values. These excur-
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sions were associated with separation and re-attachment phenomena.

Introduction

The need to understand the processes by which transition
takes place in a boundary layer and its susceptibility to dis-
turbance by events occurring in the free-stream have led to a
growing amount of research, much of it aimed toward the gas
turbine industry. An increase in the level of free-stream tur-
bulence has been shown to encourage the transition process
(Blair, 1982; Rued and Wittig, 1984) following the turbulent
spot models proposed by Schubauer and Klebanoff (1956).
The effects of intermittent changes in flow conditions such as
those caused by the Nozzle Guide Vane (NGV) and rotor blade
interactions have also been shown to have significant influence
on heat transfer rate to the blades, as detailed by Dunn (1985)
and Doorly (1985). The tests reported in this paper investigate
both the transitional phenomena and the influence of a
simulated NGV on a rotor blade suction surface boundary
layer. The use of wide bandwidth heat transfer instrumenta-
tion enables individual events such as turbulent spots develop-
ing in the transitional boundary layer to be easily identified, at
free-stream conditions corresponding to the gas turbine en-
vironment in terms of Mach number, Reynolds number, and
gas-to-wall temperature ratio.

Experimental Approach
The present study was carried out on a transonic gas turbine

Contributed by the International Gas Turbine Institute and presented at the
2nd ASME/JSME Thermal Engineering Joint Conference, Honolulu, Hawaii,
March 22-27, 1987. Manuscript received at ASME Headquarters June 14, 1988.
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rotor blade in the Isentropic Light Piston Tunnel (ILPT), as
described by Schultz et al. (1977). The ILPT is a short dura-
tion facility, which for a typical run time of about 0.5 s gives a
gas-to-wall temperature ratio of 1.5. For these tests a five-
bladed cascade of 50 mm inlet span was used with a Mach
number of 0.38 at inlet and 1.18 at the exit plane with a cor-
responding Reynolds number of 0.92x 108, The free-stream
turbulence level could be varied from a background level of
less than 0.8 percent to a ‘‘high’’ level of about 3 percent by
use of a grid of 2 mm bars placed 208 mm upstream of the
cascade inlet plane. The operating conditions are detailed in
Fig. 1, using the definitions: Re=Reynolds
number =pU,C,/p, with viscosity derived from Sutherland’s
law; M =isentropic Mach number = U/q,, where sound speed
a, =vvyRT,.

The position of the heat transfer instrumentation is also
shown in Fig. 1, with the 17 thin film gages spaced around the
suction surface. For these tests the gages were spaced 2.5 mm
apart from 8 to 50 percent of the surface perimeter of 64.2
mm, with a 5 mm spacing thereafter. The gages were 0.5 mm
wide and covered 4 mm of the span, compared with the 10 mm
gages used previously in the cascade to enable smaller three-
dimensional events to be observed. The gage effectively
averages the heat transfer rate along its length, thus reducing
the magnitude of any events of size smaller than the film
coverage. Heat transfer rate was obtained using a well-
established technique (Schultz and Jones, 1973) by using elec-
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Fig. 2 The cascade with rotating bar configuration

trical analogues of the semi-infinite conduction equation to
give a direct measurement of heat transfer rate with a band-
width of 100 kHz, as described by Oldfield et al. (1984). Wide
bandwidth surface-mounted pressure transducers (Kulite type
XCQ-062-50D) were used, together with spark Schlieren
photographs, in the analysis of the data.

In order further to characterize the free-stream conditions,
constant temperature hot-wire anemometer measurements
were made at the tunnel centerline at the entrance plane of the
cascade leading edge. The probe used was a DISA P11 5 yum
platinum coated tungsten wire 2 mm long and connected to a
DISA 55D01 constant temperature anemometer bridge tuned
to a bandwidth of greater than 50 kHz.

The heat transfer results are presented in Nusselt number
form, i.e.,

q‘lﬂ E_’
(TO - Tm) k

with gas conductivity k£ =0.0047 +7 X 1075 T,in W/mK.

Nu=

Nomenclature

Heat Transfer
Gauge Locations

Test Conditions
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Poipt ==
1 0.00 T S 450 K £ 5 K
> 0.08 cotal
: s . " s
2 (()J‘l: Yeorat/fuary = 103
5 0.19
6 0.24
7 0.28 RL’d B 1.5 Re N
s oo esign design
9 0.3 0.9266 13856
100 0.39
11 3,43
12 6.47
V0.51
VWoo0.58
13 0.65 Tu < LBZ Tu = 37 Tu = 3%
A Yo Grid Grid In Crid In

Instrumented modei details and test conditions

The effects of the NGV-rotor interation were simulated by 2
mm diameter bars attached to a disk spun upstream of the
cascade, as described by Doorly and Oldfield (1985b), and il-
lustrated in Fig. 2. By this means it is possible to simulate the
inlet perturbation in the rotor relative frame for the cascade,
to give the correct NGV wake orientation and scale. This
method was used by Ashworth et al. (1985) for the same pro-
file at an inlet angle of 58 deg with a bar-to-cascade midspan
pitch ratio of 1.7 representative of a realistic turbine design.
The present study reduced the number of bars to 2 giving a
pitch ratio of 13.4 so that individual periodic disturbances
could be identified, giving a bar-passing frequency of 740 Hz.
In the fast sampling period of 6 ms it was possible to capture
4.4 bar-passing cycles, so that the repeatability of events could
be determined.

The data were acquired in several ways:

(i) Slow samples were taken at 500 Hz using a 64-channel
DataTranslation DT1711 A-D board, with a PDP11/34 con-
trolling this acquisition and the tunnel housekeeping channels
establishing the steady flow conditions. From these data mean
values of heat transfer rate are deduced by choosing a time in-
terval around a measurement point in the run for which condi-
tions are steady (Oldfield et al., 1978).

(i) A Datalab DL2800 transient recorder was used to ac-
quire 16 channels of 4096 points at a sampling rate of 500 kHz
at a time in the run around the measure point. These results
form the basis of the transient analysis in this paper.

(iii) Schlieren photographs stored a ‘‘snapshot’ of the
flowfield as an aid in interpretation of the surface
measurements.

Steady Baseline Flow Conditions
Measurements of the mean aerodynamic and heat transfer

properties of the rotor cascade are given in Fig. 3 for the suc-
tion surface at the test conditions of the present experiment.

I
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Fig. 3 Baseline surface conditions

The heat transfer coefficient given as Nusselt number is seen
to increase at and near the leading edge as expected with
higher free-stream turbulence and blade Reynolds numbers
(Lowery and Vachon, 1975). As the boundary layer develops
along the surface the heat transfer rates in the high and low
free-stream turbulence cases merge together at essentially the
laminar level. The low turbulence case heat transfer rate
(Tu<0.8 percent) remains laminar to the x/s position of 0.8
whereas in the high turbulence case (Tu=3 percent) it begins
to increase in proportion (as will be shown in the following
section) to increasing levels of turbulent spot intermittency. In
the high Reynolds number (and high free-stream turbulence)
case the heat transfer rate never comes down to the laminar
level and begins climbing due to transitional intermittency
soon after the x/s=0.15 location. The free-stream velocity as
determined by surface pressure measurements increases
gradually along the entire blade surface matching very well the
values from a blade-to-blade prediction program. It should be
noted that the local flow velocity becomes supersonic by
x/s=0.34. The predicted acceleration parameter drops to a
very low (favorable) value very early on the blade surface and
becomes only slightly adverse beyond the x/s position of 0.63.
This is near the rearmost point where wide bandwidth tran-
sient heat transfer data are collected and reported on in the
following section. It is also near the point where the trailing
edge shock wave from the adjoining rotor blade is expected to
encounter the suction surface. Transitional high-speed data
are not reported past this point, although no significant
change in the mean heat transfer coefficient was observed.
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Fig. 4 Measured Nusselt number: the effect of free-stream turbulence
on natural transition (the vertical scale for each trace ranges from 0 to
2000 in Nusselt number)

The calculated surface curvature is also shown to reach a low
value a short distance from the leading edge and to remain
there to the trailing edge.

Natural Transition on a Turbine Blade Surface
Boundary Layer

Wide bandwidth heat transfer signals from surface thin
films clearly illustrate the important difference between the
low and high free-stream turbulence cases as shown in the
transient recorder traces of Fig. 4. The heat transfer rate in the
low turbulence case (Run 5723) remains quiet (laminar)
throughout the entire measuring range of the transient data (to
x/5=0.65). The high free-stream turbulence case, while
starting somewhat higher than the laminar case, becomes in-
creasingly dominated by sharp transient events (consistent
with turbulent spot development, amplification, and gradual
merger), which raise the heat transfer coefficient instan-
taneously to high turbulent levels until finally the Nusselt
number signals become more characterized by the steady tur-
bulent levels. It is clearly seen at the x/s=0.65 point that the
flow is at the turbulent level more than half of the time, drop-
ping precisely to the undisturbed laminar values between the
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Fig. 6 Turbulent spot convection rate and intermittency calculation

turbulent events. This process starts earlier and proceeds
faster for the higher Reynolds number case (not shown here).

The physical process of turbulent spot development growth
and merger is dramatically illustrated in Fig. 5 in which a time
synchronized overlay of each instantaneous heat transfer
record is shown. In this figure the growth and rearward con-
vection of individual turbulent spots are clearly seen as they
move along the surface, again with the levels between spots
dropping to the laminar values. This growth pattern suggested
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Fig. 8 Example of cross-correlation analysis of adjacent heat transfer
signals in a transitional boundary layer (using a program developed by
Doorly, 1983)

a procedure for the quantitative analysis of the degree of tur-
bulent activity and the convection rates of individual spots.
Figure 6 shows expanded time records of four consecutive
positions. By selecting a turbulent threshold level slightly
above the laminar value the amount of time that the digital
signal is above this value compared to the total time of the
trace can be used to define an intermittency value of the
boundary layer at any x/s position as

n
Y Ay

- =)

hL-t

between any time interval ¢, —¢,. Also clearly seen in Fig. 6 is
the regular time delay for the turbulent spot to move from one
position to the next. If one were to shift the signals closer
together, adjacent heat transfer records would be seen to be
nearly coincident except for a very slight but regular displace-
ment in the direction of increasing time. Figure 7 presents the
value of the intermittency calculated in this way for the two
conditions of design and 1.5 x design Reynolds number each
with the turbulence grid in place. The rise of the intermittency
above zero and the following rapid rise is seen to follow for
some time the predicted values, reaching a value near unity for
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the high Reynolds number case. The prediction code is one
developed from the method described in Patankar and
Spalding (1970) incorporating a model for mixing in free-
stream turbulence into the boundary layer, and allowances for
curvature and changes in free-stream conditions during transi-
tion, outlined by Forest (1977).

The convection rate for turbulent spots was estimated by
measuring time delays for individual well-defined spots and
from cross-correlation analysis of adjoining thin film signals.
Using a cross-correlation analysis as shown in Figure 8, two
signals (each containing 1024 data points) are compared for
various values of time delay and the peak value determined.
Correlation coefficients of over 0.9 were found for the highly
transitional traces late on the blade surface. The time delay
was then used with the known film spacing to estimate a mean
convection velocity of the discrete events associated with tran-
sition. These values are plotted in Fig. 9 assuming a spot origin
near the location where the intermittency rises above zero. For
comparison, the spot trajectories are compared with curves
moving at various fraction of the blade free-stream velocities.
The mean convection rates are seen to be between 0.7 and 0.8
of the local free-stream velocity, as observed in low-speed
transitional boundary layers.

NGV Wake and Shock Wave Effects

The reaction of an otherwise laminar boundary layer to a
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Fig. 11 Schlieren photograph showing the intersection of the moving
bar shock waves with the turbine blade suction surfaces

higher level of isotropic free-stream turbulence has been
detailed above. Clearly transition was induced by these veloci-
ty fluctuations of about 3 percent. In this section results are
presented of tests at the design Reynolds number (0.92 % 109)
with NGV wake and shock structures simulated by the bar-
passing apparatus described in the introduction.

The intermittent perturbations to the inlet flow caused by
the simulation are shown in the high free-stream turbulence
case in Fig. 10 in terms of hot-wire output from a probe
mounted in the free-stream inlet plane at midpassage, and
blade surface leading-edge measurements of pressure and heat
transfer. These data are normalized with respect to two cycles
of the bar-passing event, so that it is possible to relate infor-
mation from different runs in terms of cycle fraction. The
signals show a background turbulent level extending over
about 60 percent of the cycle characterized by a similar type of
signal to that obtained with no rotating bars. All three signals
have a periodic component at bar-passing frequency with two
characteristic parts:

(i) Over about 6 percent of the cycle rapid changes in level
of the order of 5 to 10 us rise and fall times are observed. The
pressure signal varies by +25 percent and the heat transfer
rate by approximately =50 percent. This disturbance is at-
tributed to shock waves generated as the bar sweeps past the
cascade. By examination of Schlieren photographs of this
flow, an example of which is given as Fig. 11, the nature of the
NGV simulated shock structure can be determined. Clearly
two shocks are associated with one bar-passing event, the bow
and recompression shocks that would be expected at the bar
relative Mach number in steady flow. The separation time be-
tween these shocks is approximately 75 us, marked as Az, in
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Fig. 10, and is seen to correspond to the time interval between
the sharp falls in level to the adjacent sharp peak.

(ii)y Following these rapidly changing events, a second less
marked change in level associated with the wake is also visible
over about 10 percent of the cycle, denoted as the ‘“‘wake”
region in Fig. 10.

It is possible to analyze the reaction of the blade boundary
layer to the wake and shock perturbations by investigation of
the sequence of time-resolved Nusselt number plots given in
Fig. 12. There is a constant spacing of 5 mm between the thin
film gages, starting with gage 3 at an x/s value of 0.12 through
to gage 15 at x/s=0.65. The high free-stream turbulence case
with wakes and shocks present (Fig. 12(a)) is markedly dif-
ferent from the natural transitional boundary layer over the
first 35 percent of the surface, with similar rapid rises and falls
in Nusselt number due to the perturbations evident in Fig. 10.
This shock-related event occurs on the early suction surface
due to a shock/boundary layer interaction starting at gage 9,
close to the crown of the suction surface. Examination of

Journal of Turbomachinery

Schlieren photographs (such as Fig. 11) indicates that the
shocks first interact with the boundary layer near to gage 9,
the reflection point moving toward the leading edge as the bar
moves in the same direction. This is visible on the early gages
on Fig. 12(a), occurring first on gage 9 then moving gradually
through gages 7 and 5 and finally showing on gage 3. The
rapid drop in surface Nusselt number is attributed to an
unsteady separation and the rise to a turbulent reattachment
both caused by the shock boundary layer interaction. The ef-
fect of the wake is not clearly discernable in Fig. 12(@) and to
aid in identification of this the bars were rotated at a lower
speed such that the bar relative Mach number was subsonic.
The results of this are shown as Fig. 12(b) with a much more
clearly identifiable enhancement in heat transfer due to this
wake. This extends to the later gages of the surface causing the
boundary layer to be fully turbulent over the extent of the
wake. In Fig. 12(c) the background turbulence was reduced to
less than 0.8 percent and the periodic disturbances due to the
bar-passing events are more clearly evident. The early suction
surface has shock-related phenomena extending well into the
cycle period but apparent oscillations in Nusselt number mov-
ing with the shock. Also apparent from Fig. 12(c) is the inter-
mittent nature of the turbulence induced in the boundary layer
by the wake and shock interaction, as the boundary clearly
returns to its undisturbed laminar value between the periodic
events. The heat transfer enhancement due to the wake is
clearly evident along the whole surface.

As an aid to quantifying the periodic effects due to wake
and shock passing phenomena the rms fluctuations caused by
the disturbances in the boundary layer are plotted for each
gage in Fig. 13. The baseline run (marked as X - X -X) shows
a constant low rms level as would be expected, and the higher
free-stream turbulent case shows a steady increase following
the boundary layer intermittency factor. With just wakes
present, as was shown in Fig. [2(d), a general enhancement of
this rms value is evident over the whole surface, whereas with
the shocks present the fluctuation is much enhanced on the
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earlier surface but returns to undisturbed values toward the
later gages. The values come close together at an x/s of 0.43
for all the bar-passing cases, indicating the extent of the shock
interaction region.

Conclusions

It has been established during the course of this study that
the Isentropic Light Piston Tunnel facility combined with the
wide bandwidth/high sampling rate heat transfer instrumenta-
tion has proved capable of tracking very rapidly progressing
unsteady events in a transonic boundary layer. Operating
under a simulated unsteady gas turbine rotor environment,
sensitive detection and precision tracking of transient shock,
wake, and boundary layer transitional events was accom-
plished. Detailed observation of the heat transfer signals con-
firmed a classical model of the transition process, that is the
sudden appearance of sharp spikes of turbulence which
multiply, grow, and track downstream at a rate less than the
free-stream velocity until gradually merging to form a com-
pletely turbulent boundary layer. The tracking of turbulent
spots at these high-temperature transonic flow conditions has
not been reported before to the best of the authors’
knowledge.

A second major finding of this study was the observation
that the strong unsteady interaction of a double shock and a
simulated NGV wake with the rotor boundary layer did not
have any measurable ‘‘long term’’ effects apart from the
strong excursion in heat transfer associated with the actual
passing of the shocks and wake. The heat transfer fluctuation
levels were essentially unchanged far removed from the distur-
bance (in time) and nearly identical at the rearmost measuring
point except for a turbulent patch associated with the
shock/wake event itself.

The interaction of the shocks and wake with the rotor
establishes in more detail the earlier observation of Ashworth
et al. (1985) and Doorly and Oldfield (1985a) of strong
changes in local heat transfer coefficient. The tracking of the
interaction over the surface could be followed with some
precision with the time resolution of the instrumentation used.
Further analysis of shock and wake interactions is reported by
the authors in Schultz et al. (1986) along with some prediction
models of the interaction dynamics.
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M. L. G. Oldfield!

In their paper, Ashworth et al. note the presence, in Fig. 12,
of rapid drops in surface Nusselt number, sometimes becom-
ing negative, associated with shock waves passing over the
blade surface. They suggest that this is possibly due to a
shock-induced unsteady separation and consequent turbulent
re-attachment.

More recent work (Johnson et al., 1989) using the same tun-
nel and blade profile has shown that the rapid compression
heating and expansion cooling of the boundary layer by the

1University of Oxford, United Kingdom.
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bar shock waves and expansion fans can cause the observed
transient heat transfer peaks and troughs without there
necessarily being a separation bubble, although the latter may
also occur.

It should be noted that there is an expansion fan generated
in front of the trailing edge shock wave of a transonic nozzle
guide vane, and so the observed transient troughs are relevant
to the full turbine stage.
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Numerical Simulation of Inviscid
Transonic Flow Through Nozzles
With Fluctuating Back Pressure

The study presents a numerical method, based on the flux vector splitting approach,
to the problem of unsteady one-dimensional and two-dimensional inviscid transonic
flows, with emphasis on the numerical determination of the shock position, through
nozzles with time-varying back pressure. The model is first validated by comparison
with exact (one dimension) and numerical (two dimensions) steady-state solutions.
It is thereafter applied to the problem of time-fluctuating back pressure in quasi-
one-dimensional and two-dimensional nozzles. The one-dimensional resulls are
validated by comparison with a small perturbation analytical unsteady solution,
whereafter a few sample cases are presented with the objective of understanding fun-
damental aspects of unsteady transonic flows. It is concluded that both the
amplitude and frequency of the imposed fluctuating exit pressure are important
parameters for the location of the unsteady shock. It is also shown that the average
unsteady shock position is not necessarily identical with the steady-state position,
and that the unsteady shock may, under certain circumstances, propagate upstream
into the subsonic flow domain. The pressure jump over the shock, as well as the
unsteady post-shock pressure, is different for identical shock positions during the
cycle of fluctuation, which implies that an unsteady shock movement, imposed by
oscillating back pressure, may introduce a significant unsteady lift and moment.
This may be of importance for flutter predictions. It is also noted that, although the
sonic velocity is obtained in the throat of steady-state, quasi-one-dimensional flow,
this is not necessarily true for the unsteady solution. During part of the period with
Sluctuating back pressure, the flow velocity may be subsonic at the throat and still
reach a supersonic value later in the nozzle. This phenomenon depends on the fre-
quency and amplitude of the imposed fluctuation, as well as on the nozzle geometry.

A. Bilcs

T. H. Fransson

Swiss Federal Institute of Technology,
Lausanne, Switzerland

M. F. Platzer

Naval Postgraduate School,
Monterey, CA 93940

Introduction

Unsteady flow is an inherent factor in turbomachines and
may have several sources. It can occur because of disturbances
from an otherwise uniform inlet or outlet flow (for example
due to upstream/downstream blade rows), as self-excited flow
phenomena (for example blade flutter), flow separations, fluc-
tuating shock waves, or as pressure fluctuations downstream
of, for example, a diffusor.

Many experimental and theoretical investigations have been
carried out for the phenomenon of flow unsteadiness in-
troduced by vibrating blades (see for example Bolcs et al.,
1987a, 1986, 1987b; Buffum and Fleeter, 1987; Cafarelli and
Szechenyi, 1987; Fleeter, 1977; Fransson and Pandolfi, 1986;
Gallus, 1984; Gerolymos et al., 1987; Grant and Whitehead,
1980; Joubert, 1984; Pandolfi, 1980; Platzer, 1982; Servaty et
al., 1987; Smith, 1972; Szechenyi, 1984; Usab and Verdon,
1986; Verdon, 1977). These investigations show that several
physical parameters, such as the flow velocity, blade
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geometry, reduced frequency, and interblade phase angles
play a significant role for the aeroelastic behavior of a blade
row. Presently, the most information is available for two-
dimensional attached flow, and separated flow phenomena
are treated empirically or semi-empirically (BdOlcs and
Fransson, 1986, 1987a).

Most models for prediction of the two-dimensional attached
flow are based on the assumption of small harmonic perturba-
tions of the flow around an otherwise steady-state flow. The
most common methods are the linearized sub- or supersonic
flat plate theories (for example, Smith, 1972; Verdon, 1977,
Namba, 1987; Salaiin, 1976). These models have been shown
to give good agreement with experimental data, as long as the
blade thickness and camber are moderate (Béles and
Fransson, 1987a). However, they tend to disagree with ex-
perimental results for the flow velocities in the neighborhood
of the transonic flow regime as well as for the blades with
larger thickness and/or camber. In some cases, as long as the
flow is shock-free, linearized potential models (for example,
Grant and Whitehead, 1980; Verdon, 1977; Usab and Verdon,
1986) can predict experimental results to a high accuracy
(Bolcs and Fransson, 1986). Recent results with a linearized
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potential model, with an explicit unsteady shock-fitting, in-
dicate that the fluctuating shock may have a significant in-
fluence on the unsteady response and may, in fact, destabilize
an otherwise aerodynamically damped blade row Verdon,
1987.

Cascade experiments in the transonic flow region, under
certain circumstances, are known to show relatively large
shock fluctuations for small blade amplitudes (see, for exam-
ple, Bolcs and Schlafli, 1987b), which then brings up the ques-
tion of when nonlinear effects, especially the shock
amplitudes, become so large as to reduce the accuracy of
potential small disturbance theories, first of all those with
numerically smeared shock waves (for example, Grant and
Whitehead, 1980; Newton and Whitehead, 1985) but also the
ones with explicit unsteady shock fitting (Verdon, 1987; Usab
and Verdon, 1986).

To this end, some recent research has been directed toward
the solution of the fully unsteady nonlinear Euler equations in
two-dimensional cascades (Gallus et al., 1984; Servaty et al,
1987; Joubert, 1984; Gerolymos et al., 1987; Pandolfi, 1980).
These models have been shown to correlate well with the ex-
perimental data (Gallus et al., 1984) and with flat plate results
(Fransson and Pandolfi, 1986) in the subsonic flow region, but
special care has to be taken to reproduce a fluctuating shock
wave accurately in order to predict the unsteady lift and mo-
ment on the blades.

In the present study, a step toward this problem is shown.
The inviscid rotational flow through nozzles is considered.
The steady-state transonic shock wave is numerically cap-
tured, usually within two cells, whereafter the outlet pressure
is imposed to fluctuate (the physical analogy to this can be
considered to be, for example, a diffusor with oscillating back
pressure). The shock will then move away from its steady-state
position and may (in dependence on parameters such as nozzle
geometry, pressure amplitude, and frequency) create a flow
field different from the steady-state prediction.

Governing Equations and Numerical Method of

Solution

Governing Equations. The rotational inviscid unsteady
two-dimensional flow (without mass forces, heat transfer, and
exchange of energy), considering a perfect gas, can be de-
scribed in differential, conservative form by the continuity,
momentum, and energy equations (see, for example, Zierep,
1976) in the vector form

W, +F,+G,=0 )

Here, the vectors can be expressed as:

p pu pv
ou put+p puv
W= | pv |;F= puv 1 G= | p¥+p )
pe. puh, pvh,

and the equation of state of a perfect gas is used for the rela-
tion between pressure, density, and temperature

L _rr G)
P
If all the physical quantities above are made dimensionless
with reference values pree, Xt =Viers Trer (ADA prep = Pres/
{RT s}, Gres = {RTref}()j’ Erer = Xret/ Qres ror = Prer = q%ef) the
equation system (2) stays the same in dimensionless form.!
From here on the physical variables are thus dimensionless,
unless otherwise stated.
The equation system (1) can be mapped from the physical
plane of reference (x, y, ¢) into a computational plane of
reference (¢, 4, 7) with a general transformation:

!Note that gre¢ = velocity of sound/vsy.

Nomenclature
a = velocity of sound, m/s e = values at exit of computa-
A = area, m? R~ = left running Riemann tional domain
D = Jacobian determinant invariant e, amp = amplitude of imposed exit
e = internal energy/unit mass, t = time, s pressure variation
m?/s? T = temperature, K i = computational point in £
e, = total energy/unit mass u = velocity component in x direction
=e+q*/2=plly—1)/p] direction, m/s Jj = computational point in 4
+q*/2, m*/s v = velocity component in y direction
Jf = frequency, Hz direction, m/s k = time step
S = variable, representing any W = flow variable vector (equa- ! = length
of the physical variables in tion (2)) o = start of oscillation
nondimensional form x = coordinate direction, m ref = reference values
F = flux vector (equation (2)) ¥ = coordinate direction, m s = number of shock
G = flux vector (equation (2)) ¥ = ratio of specific heats t = thickness
h. = total enthalpy/unit A7 = time step (), = partial derivatives in time
mass = e, +p/p, m2/s? e = small perturbation w = width
k = reduced frequency based parameter, equation (34) x = in x direction
on half chord = n = coordinate direction » = in y direction
@l e/ (2q ) A = eigenvalues (), = partial derivatives in x
! = length, m ¢ = coordinate direction direction
M = Mach number p = density, kg/m3 (), = partial derivatives in y
p = pressure, N/m? T = time direction
g = velocity vector, m/s w = circular frequency =2zf, ~o = values at infinity upstream
R = gas constant (=287 for rad/s o = values at infinity
air), m2/s?K ] ) downstream
R* = right running Riemann Subscripts and Superscripts 7 = in g direction
invariant ¢ = stagnation values ¢ = in £ direction
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£E=E0, 0 These equations written in generalized coordinates are solved
with a finite difference formulation.

n = 19X, ¥, #) @)

;o Numerical Grid. For the present application, the

numerical orid ic chaeen anech that tha arid linec in tha 1 diran
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Errata for **Numerical Simulation of Inviscid Transonic Flow Through Nozzles With Fluctuating Back
Pressure’’ by A. Bdlcs, T. H. Fransson, and M. F. Platzer, published in the April 1989 issue of the ASME
JOURNAL oF TURBOMACHINERY, Vol. 111, pp. 169-180:

Please note the corrected form of the following equations:

Error
W' = D-'W
F' = D-'(§,W+§,F+£,G) (6)
G’ = D'{9W+n,F+nyG)
D = gx"y—gyﬂ.\‘:l/[xfyq_‘qug}
(£ ou+t,pv
F' = DV iE (pu?+p)+E puv
£puv+ £, (p*+p)
\(Ecoule. ¥ p/o}+Epvle.+p/p)
(y,pU+X, 0V
= { Yy lou? +p} =x,puv (80)
Ypouv—x, [pv° +p]
\yqpufe.+p/p}+x.pvie.+p/p}
of = Ex  __ Iy
VER+E]  Vyl+xl
C; = Ey = - x"
VEERE Wtex
(22)
Cl" = ﬂy = XE
VaZ+al xE+y?
Cl” = 7’,\' - — yE

R* = f(upstream infinity) = imposed = 1a—oo+q—oo

29
_ R*-R-
Uinley = 2
R*—R~ -1
Tinley = [ 2 }'{72 } 30)
322/Vol. 111, JULY 1989
pe 0 | KT DAMME AP
2y 20y — Dory= +ONSE
x2 2

o-vene [ e
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Correction
W' =D 'W
F' = D¢ W+EF+E,G) 6)

G' = D' {nW+n,F+9,G)
D = £y —En = 1/{x0, ~X,0; )

(§c0u+£,pv

£ lpu+p)+Epuv
£.ouv+ £, [pv?+p)

\Ecoule. +p/p) +Epvie. +p/o)

=
I
S

”y,,pu+x,1pv

= |y, (o +p} —x,puv

Yopuv—x, {pv* +p)
\y,pule.+p/p)—x,pvle.+p/p}

(8b)

£x Y

cE: =
bOVEIHE Witx]

£ Xy

CE = = —
2T JEeE ien

(22)
oo X
b Valinl Vxi+y?
Yt

cl o= i

X
P Vnltn}

2
R+ = f(upstream infinity) = imposed = la“"’ +q_o
y—

29

R*—-R~
Uinlee = "_2_'——

Y
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£E=Ex, 0
7 = 9(x, ¥, 1) 4
7 =1

Viviand (1974) has shown that equation (1) can stay in strong
conservative form with a transformation of the above type.

Equation (1) is then mapped into
W, +F{+G, =0 ©)

with

W' = D°'W

F' = D ¢ W+EF+£,G) (6)
G’ = D'{nW+9,F+9yG}

D = g, —Ene=1/{xy, =Xy}

where D is the Jacobian determinant of the transformation (4)
and the metric terms are related to the derivatives of x, y, and ¢
by (see, for example, Pulliam, 1986, equation (4)):

D

-x,D

- xrsx "'yrsy
=y D

xD

— XMy _y177y

(Ta)

I

(7b)

[l

The Jacobian determinant, in the center of an element, cor-
responds physically to the inverse of the cell area (Anderson et
al., 1985).

In the present study, the interest is focused on unsteady flow
phenomena in channels of nonvarying sections in time. The

These equations written in generalized coordinates are solved
with a finite difference formulation.

Numerical Grid. For the present application, the
numerical grid is chosen such that the grid lines in the y direc-
tion (=lines of constant ) are situated half a mesh away from
the nozzle walls, i.e., the cell center of the numerical grid coin-
cides with the wall.

Numerical Formulation. As the aim of the study is to in-
vestigate large-amplitude unsteady shock waves and their in-
fluence on the unsteady loading, it is necessary to consider a
method that results in fairly sharp definitions of aerodynamic
shocks.

In such a case a shock-fitting algorithm would obviously be
ideal but cumbersome, especially for turbine flows with merg-
ing or crossing shocks. It was thus decided to rely on a shock-
capturing algorithm, based on upwinding differences. This is
realized with the flux vector splitting technique (Anderson et
al., 1985; Steger and Warming, 1981; van Leer, 1982). In this
technique the fluxes F’ and G’ from equation (8) above are
split into forward and backward contributions according to
the sign of the local (one-dimensional) eigenvalues. From the
various splittings found in the literature (for example, Ander-
son et al., 1985; Steger and Warming, 1981; van Leer, 1982;
von Lavante and Haertl, 1985) the one proposed by Steger and
Warming (1981) was adopted. -

The development of the splitting for Cartesian coordinates
is given in detail by Anderson et al. (1985) and Steger and
Warming (1981) and only the final result is presented here.
The eigenvalues of the flux vectors F and G in equation (1) can
be expressed as

terms &, and 7, are thus zero, wherefore the vectors W', ¥’ ;’: = Z and )\i = 3 ©
’ . 2 = =
and G’ can be expressed, in component form, as ¥ = uta }\% ~ vta
- i = u—a N =v—a
0
. ~1
W=D ZZ (8a) These eigenvalues can be, depending on the magnitude of the
oe velocities » and v(u, v=<0; 0<u, v<a; u, v>a), separated in-
M to positive (A ) and negative (A, ) parts so that (n=1, 2, 3, 4)
(Epu+E,pv h B _
F' = D-'|£ {ou4p) +£,puv A =N N, (10)
+ + .. . .
éi%z{}ec iy}é%’} +1§ }pv{ec +p/p) In the orlgn‘la! work by Steger and Warming (1981) this was
’ done by defining .
A+ N, A= I\,
Vol + X, pv ) A=t A = (11
= |y, {pu* +p) —x,puv 8h) 2 2
ynpuv—xn{puz—kp} . . e . . . .
Loutec+p/p) +x pvie.+p/p} ) With this splitting of the eigenvalues ;¥ and A} into positive
and negative parts, the flux vectors F and G can also be split
~ o into two terms F*, G* and F~, G~ (Steger and Warming,
150U 4 11,00 1981), with
G’ = D' | pu*+p)+npuv
n.0uv+ 1, {pV* + p) F=F* +F-
neoule.+p/py+n,ovie.+p/o} ) (12)
= + G_
[(—yipt+ X pv R G=G"+
= | =y lpu* +p) +x,puv (8¢) .
—yipuv+x, {pv* +p} The split flux vectors can be expressed as (for details of the
\_—yrpule.+p/p}+xpvie.+p/p} splitting, see, for example, Anderson et al., 1985):
2(y — DAf= +N* +NfE
e e | 2D AN AN
2y | 2(y— oA +oNSE +oN* (13)
N2+ 02 A2+ 02
(v = D@A* + [————3 3 ]x;* + [__4 5 ]Mi o
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( 2y - DN\ = + N +N)* h
G 2P 20y = Dund=* +uNy* +uNy*
2y 20y~ DN * +AIN* +ANIAJ* (13)
u? + \* u?+ N2
A [ [ e
with Note that no assumption has, up until now, been made con-
. B —7OF* +Aj*)a? cerning how the flux splitting should be performed.

wiE = 24— 1) If now the rotation matrices T¢ and T? are chosen in a
v (14) special way, the transformed fluxes F and G can be put into
(B—7\* +N\*)a? the same form as the expressions for F and G in equation (2),
wr= = 2(y-1) whereafter any splitting developed for Cartesian coordinates

This formulation of splitting the flux vectors means that, for
subsonic flow in the direction of investigation (x or y) infor-
mation is carried from upstream and downstream. However,
if the flow becomes supersonic in, say, the x direction all the
negative eigenvalues A}~ become zero. It is thus seen from
equation (13) that F- =0; therefore no information is
numerically propagated upstream.

The flux vector splitting formulation does therefore
reproduce the correct physical domain of influence of
propagating signals.

In generalized coordinates the same splitting may be used,
as shown by Anderson et al. (1985). For this, they propose to
rotate the fluxes locally into a ‘‘body-fitted’’ coordinate
system, first for for the F’ flux, while treating the G, as a
source term, and thereafter the G’ flux, while treating the F’ 5
as a source term. This procedure is explained in detail by
Anderson et al. (1985); therefore only the most important
steps are reproduced here.

In order to use the Cartesian splitting as in equation (13),
the ¥’ and G’ fluxes have to be transformed into a form that
is identical with F and G according to equation (2). This can be
achieved by, for the £ direction, multiplying equation (5) with
a transformation matrix T# from the left:

(W), +(F); = —=THG"), + (T6),W’ +(Tt),F' (15)
where
W = T¢W’
F = T{F’ (16)

Splitting of F into F=F+ + F~ and multiplication from the
right with the inverse of the transformation matrix, (T¢)~!,
while considering the definition (16), gives

W +(F'*+F "), +G,;=0 an

with the definition
F'+ = (%)~ 'F+
F'- = (TH)'F- (18)

It should be noted that equation (17) has the same form, if the
splitting (12a) is considered, as equation (1), and that the term
G, has not been affected by the manipulation. It is thus possi-
ble to perform a similar transformation procedure also for the
7 flux, to obtain

W +F*+F ") +(G' *+G'*), =0 (19)
with
G+ = (I")'G*

G- = (T G- (20)

172/Vol. 111, APRIL 1989

can be applied directly (Anderson et al., 1985).
To obtain such a form for F and G, the rotation matrices T¢
and T" can be expressed, in the case of a nonmoving grid, as

1 0 0 0
0 cf c 0
Té = |0 - c 0 Rla)
0 0 0 1
1 0 0 0
0 —cf cJ 0
™ = |0 ] 7 0l 1p)
0 0 0 1
with
b Ex
LONERRE Vrlexl
C; — Ey — xﬂ
VEI+ED  NyRtx] 22
Ci’l = ny = xs
Vai+ny  NxP+yl
C" — nx _ yg
BN T RN

With these definitions, the flux vectors F and G take the form
rpdg
putuf +p

F=T!F' = Vy2+x?
i
ottt (e, +p/p) J

(23)
. (P )
G=T"G’ = VyZ+x{ |pud"
pU"U" +p

ot (e, +p/p)

where #¢ is the velocity normal to a line of constant £,
representing the scaled contravariant velocity component, and
7% is normal to #¢ (Anderson et al., 1985). Furthermore, 97 is
the velocity normal to a line of constant » and #7 is normal to
U7, as:

g = (Y u—x,v) 5 = (x,u+y,0)
Vygtx; Vi tx;

0= (—xu—yv) o= (—ygu+x.0)
Vi +y} Vxf+yE
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The expressions for F and G in equation (23) are thus identical
to the expressipns for F and G in equation (2). The splittings
expressed in equation (13) can thus be used to obtain F*, F~
and G*, G~ whereafter equation (20) is used to obtain the
split vectors F’*, F'~ and G’*, G’ ~ necessary for the
numerical solution of equation (5), expressed in the split form
of equation (19).

Spatial Differencing. In the original work by Steger and
Warming (1981) the spatial derivatives were approximated
with differences taken ‘‘upwind’’ for both F* and F—, i.e.,
backward (in the negative x direction) for F* and forward (in
the positive x direction) for F~. In the case of generalized
coordinates this approach does however not preserve ‘‘free
stream’’ values, i.e., it introduces a dependency of the
transformation metrics on the result (see, for example, Buning
and Steger, 1982). Van Leer proposed instead (see, for exam-
ple, Anderson et al., 1985) to use a ‘“‘Monotone Upwind
Schemes for Conservation Laws” (‘‘MUSCL”’) approach, in
which the data are first prepared and eventually limited before
the numerical differences are performed. The spatial
derivatives are here approximated as centered differences,
with values at half points

F/*=AF/ */A8 =¥/ 3, —F/5,1/A8 (25)

Furthermore, the F/%,, and F/%,, are evaluated with two
point ‘““upwind’’ (i.e., backward for ¥+ and forward for F~)
extrapolation (Anderson et al., 1985)

[Fi/++l n=F"*"(W/,
Fian=F "W,
i~11/2

E'Vi'ﬁ/z =W/ +¢; {W/ -W/
Witn=Wii+6L (W, —W,,}/2
In these expressions, the scalar function ¢ is denoted the flux
limiter. Its function is to switch from first-order spatial ac-
curacy to second-order at appropriate points. The value ¢ =1
gives second-order spatial accuracy while ¢ =0 reduces the ac-
curacy to first order.

It has been demonstrated by Anderson et al. (1985) (with an
implicit computational code) that, due to the fact that both
AF* and AF~ are evaluated at the same computational loca-
tions, a method with the *“MUSCL”’ procedure gives smooth
results around a sonic rarefaction point.

(26)

@n

Integration in Time. With the abovementioned
“MUSCL’’ approach, an explicit second-order numerical
scheme can be conceived as a two-step method. This method is
modified from the original Steger-Warming model for flux
splitting (1981) and can be expressed as (see Grossman, 1986,
for one dimension)

First step:
W/ =W/ AT{AF; Y+ A/ 7YY /AE

—ATEA(G]H ) + AG) 7))/ An (28)

Second step:
wj,’[(+1:O.S{W/’i*-f*wj/,,k—AT[A(Fj"f *HAF ) )/AE
~AT{A(G] )"+ A(G/7)*}/An)

where an asterisk indicates values at an intermediate time level
and the spatial differences are expressed as centered values ac-
cording to equation (25).

Boundary Conditions. At the inler boundary a one-
dimensional boundary condition with small reflection is in-

Journal of Turbomachinery

troduced by replacing the incoming information (along the
characteristics A} and A{) by an imposed (at upstream infinity)
value of the Riemann invariant such as (Fransson and Pan-
dolfi, 1986)

R* = f(upstream infinity) = imposed = i Q— 00 +g— o

29

The value of the left running Riemann invariant is thereafter
determined from the values of the flow variables in the interior
of the computational domain, whereafter these two values are
combined to yield the inlet flow conditions as

_ RY—R~
inlet ™ 2

=30
2 2
An iterative procedure to obtain a higher accuracy can
thereafter be performed.

At the outlet boundary a similar treatment is made, but the
static pressure is instead imposed as a function of time. The
boundary will thus reflect disturbances from the inner flow
field back into the nozzle (Fransson and Pandolfi, 1986). The
Riemann invariant along the characteristic A{ is thus
calculated from the inner flow field (R* ) and combined with
the value of the entropy along the characteristic A\{ to yield

u

(30

Dinlet

=Ll e
a, = YP. T oee?
2
u, = R* — a, 3D
v—1

An iterative procedure to determine the points of departure of
the characteristics A{ and A{ can thereafter be performed.

Wall Boundaries. As the centers of the numerical cells are
situated 1/2 grid from the walls, the cell interface is situated at
the wall. Thus, on the wall boundary (for example the lower),
the spatial derivative (G/), can be approximated according to
equation (25) as

(G/),=AG),/A={G/, 1, —G/_1p;} /Ay (32)

However, the point j— 1/2 coincides now with the lower wall;
therefore the boundary condition of no mass flow in the »
direction gives

SO

2= | D (33)
0

The only flow variable necessary at the wall is thus the
pressure, which is determined by extrapolation from the in-
terior of the flow field.

Examples of Application

Two examples obtained with the abovedescribed model will
be presented in this section. The first concerns the flow
through a quasi-one-dimensional nozzle, and the second the
two-dimensional flow through a channel with a 10 percent
thick ‘““bump”’ on the upper wall. In both applications the im-
posed exit pressure is varied in time, with different amplitudes
and frequencies.

Unsteady Quasi-One-Dimensional Transonic Flow. The
first sample case shown can be considered as a validation of
the method. Here, the numerical results are compared to
results by Adamson et al. (1976, 1977, 1978a, 1978b, 1978c,
1984, 1986) who have developed analytical small perturbation
theories to the problem of oscillating back pressure in tran-
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Fig.1 Exact and numerical steady-state pressure distribution (121 grid
points in x direction)

transonic one and two-dimensional nozzles. Their results in-
dicate that, although the method treats small perturbations,
the unsteady shock oscillation amplitude, as well as the time-
averaged shock position, depends not only on the steady-state
(or average unsteady) back pressure but also on the amplitude
of the pressure oscillation and, largely, on the oscillation fre-
quency (as well as, obviously, the nozzle geometry).

As these solutions are of an analytical nature, comparison
with the present, fully numerical methodology is of interest.
The nozzle area employed for this validation is the one defined
by Adamson and Liou (1977), which is given by

A(x)=1.+€*f(x) (34

where e is a constant defining the small perturbation and f(x)
is a function describing the wall shape

~

3 ;
{27[3(x—0.5)+2]* - 48[3(x—0.5)+ 2]*} /13 +3
f(x)= | 18[3(x—0.5)%/13

{27[3(x~0.5) - 2]* + 48[3(x~0.5)—2]*} /13 +3

3

-

With this nozzle shape, the inlet is situated at x=—0.5, the
throat at x= +0.5, and the outlet at x= +1.5. The area
change in the nozzle is 3 percent.

Once the steady-state flow field has been calculated, the
unsteadiness is introduced by varying the back pressure ac-
cording to

D =D+ P ampSin(w[t — £]) (36)
where w is the circular frequency of the exit pressure
fluctuation.
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1410 ¢

b k=0.035, Pe.emp=0-bl40-" F R S N
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Fig. 2 Comparison of unsteady shock position, as calculated with the
present flux vector splitting model and Adamson's (1977) analytical
method; Adamson’s (1977) second sample case, k=0.035,
Pe,amp =0.0140

If p,=0.6265 (dimensionless with the steady-state inlet
stagnation pressure) the shock in this nozzle is situated at
x=1.0. This is seen in Fig. 1, where the exact and numerical
steady-state positions are presented. It is concluded that the
shock position is accurately determined by the numerical
model.

If, at a certain time, the imposed back pressure starts to
oscillate, disturbances from the outlet will propagate
upstream. After a certain time they will reach the shock, which
will then be displaced. This is seen in Fig. 2 for a case with
Peamp=0.0140 and k=0.035 (with a reference velocity
g.; =293 m/s and a references length of /,=0.1 m, this cor-
responds to a frequency of f=33 Hz). After a certain time the
shock has reached its farthest upstream position (¢=77 in Fig.
2), whereafter the pressure immediately downstream of it
starts to move the shock downstream instead. Unless the
shock movement is large, the shock will thus exhibit cyclic
behavior in time as presented in Fig. 2.

It is concluded that the numerical and the analytical
methods (Adamson and Liou, 1977) both predict the same
shock oscillation. It is also noted that the average unsteady
shock location is not identical with the steady-state position,
even though the average unsteady back pressure is the same as
the steady-state back pressure.

As the imposed back pressure suddenly changes at a certain
time (¢=41 in Fig. 2), it is obvious that the first cycle will be a
transient toward a periodic solution. The experience for flows

1
—05s=x<s ———
=77

(35)

similar to the sample case above has shown that this transient
normally lasts for two cycles and that, thus, the unsteady flow
is identical for all the following cycles, as long as the imposed
back pressure variation is maintained periodic.

In this sample case, for an imposed back pressure variation
of 2.2 percent, the shock amplitude is 18 percent of the
distance from the nozzle throat to the nozzle exit, and the
average unsteady shock location is 5 percent downstream of
the steady-state position (X, ,.=~1.23, X ;,=0.87,
X ave = 1.05) for the fully developed periodic shock motion.
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Fig. 3 Unsteady pressure distribution in a nozzle (k=0.318,
Pe,amp =0-10, pg = 0.6265, nozzle geometry as in equation (35))
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Obviously, the average unsteady shock position and the
shock movement will depend on, apart from the nozzle
geometry and steady-state back pressure, the imposed back
pressure amplitude and frequency.

For the second sample case shown here both the frequency
and the amplitude of the imposed back presure variation have
been modified. The reduced frequency is k=0.318 (corre-
sponding to a frequency of f=300 Hz with the same reference
values as in the first sample case) and the amplitude is
Peamp =0.10. The nozzle geometry and the flow values are the
same as in the previous case. The steady-state pressure
distribution through the nozzle is thus again given by Fig. 1,
and the imposed back pressure fluctuation is shown in Fig.
3(a) (here the time is referred to the time when the pressure
oscillation starts). Only the fully developed periodic solution
will be discussed here, and the results from one cycle will be
shown (t=5w to 77 in Fig. 3a).

The pressure distribution throughout the nozzle is shown in
Fig. 3 for different time levels. At f=357 the instantaneous
unsteady back pressure is equal to the steady-state value and
the unsteady shock is situated approximately at x, =0.78 (Fig.
3b; compare this with the steady-state position at x; = 1.0, Fig.
1). Due to the fluctuation of pressure at the outlet, the entire
postshock pressure distribution is different at ¢=S5x from the
steady-state. So is also to some extent the preshock pressure
distribution, which will be discussed below.

After t=57 the imposed back pressure continues to
decrease until r=5.57 (Fig. 3a). However, the shock still
moves upstream, although the entire postshock pressure is
decreasing. At this time the exit pressure has reached its
minimum value and starts to increase. The instantaneous
unsteady pressure distribution then shows that the shock is
now just downstream of the throat (Fig. 3¢). As the exit
pressure then starts to increase the disturbances from the
outlet will propagate upstream. However, the shock still
moves upstream, and passes over into the subsonic part of the
nozzle. In the beginning the relative shock velocity is still
supersonic, but as the Mach number decreases (as the nozzle
cross section is larger farther upstream) the unsteady shock
wave will get a subsonic relative velocity and spread out into a
compression wave. Simultaneously, the pressure jump over
this shock will decrease (Fig. 3d, €). At time ¢ = 6% (Fig 3e), the
flow through the entire nozzle is subsonic.

At the same time the increase in back pressure builds up a
compression wave, which steepens later into a shock (Fig. 3/).
At the time t=6.5 7 (Fig. 3g), the main expansion through the
throat is being built up again, and the flow is supersonic in a
small part of the nozzle. However, in contrast to what is ex-
pected from steady-state flow, the sonic line does not occupy
the throat of the nozzle. At the time under study here, =6.5
w, the sonic line is instead situated approximately at x~0.66.
As the time increases, this main expansion will build up fur-
ther, at the same time as the first shock approaches and disap-
pears through the inlet. The shock created by the pressure
buildup at the outlet is pushed farther upstream (Fig. 3g). The
interaction between the expanding flow in the center of the
nozzle and this upstream moving shock creates a second small
shock at x=1.0 (Fig. 3g). This is the result of the small
pressure wave first appearing at x=0.9+1.0 at f=17#/3 and
being more accentuated at = 67 and 19«/3. Finally, these two
downstream shocks merge into one, and a pressure distribu-
tion similar to the one at #= 5w appears (¢=20x%/3, Fig. 3A).
However, it should clearly be stated that, at t=20x/3, the
unsteady flow is still not choked. This also has as a conse-
quence that under no part of the cycle does the maximum flow
velocity reach the steady-state preshock flow velocity.

It is also of great interest to compare two parts of the period
directly with each other, namely when the imposed exit
pressure is at its steady-state value (=average unsteady back
pressure). This is the case for =57 (Fig. 3b), t=6= (Fig. 3e)
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and, obviously, for the steady-state solution at =0 (Fig. 1).
From the comparison between /=57 and 6 it is concluded
that the two pressure distributions are completely different,
especially for x=0.3. Furthermore, by comparing these results
with the steady-state distribution, it is clear that an imposed
unsteady back pressure fluctuation can introduce considerable
unsteady loads.

Obviously, it is possible to decrease the shock movement by,
for example, diminishing the exit pressure amplitude p 5, Or
increasing its oscillation frequency. Results similar to the
present quasi-one-dimensional flow studies have recently been
shown by Allmares and Giles (1987).

Unsteady Two-Dimensional Transonic Flow. One
unsteady two-dimensional channel flow sample case will be
discussed here. The nozzle geometry consists of a channel with
a (nondimensional) length of /,=2.0, a width of /,, = 1.0, and
with a 10 percent thick ‘‘bump’’ (/,/],,=0.10) on the upper
wall. The length of the bump is identical to the channel width
and its form is of sinusoidal shape.?

The sample case considers the flow with a steady-state
(=unsteady average) exit pressure of p, =0.7369, which cor-
responds to an inlet Mach number of M__ =0.675.% The im-
posed exit pressure amplitude is p, zmp =0.12 (Pe amp/Pe =16
percent), with a reduced frequency of k=0.396 (corre-
sponding to f= 369 Hz for a channel width of /. ;=0.1 m and
a referenced velocity of g.;=293 m/s). The imposed exit
pressure is the same over the width of the channel, and the
variation of pressure starts, as in the quasi-one-dimensional
cases, with a sinusoidal pressure increase. The presented
results start with the steady-state solution and 1.5 cycles of the
pressure oscillation will be discussed. The steady-state flow
field is given in Fig. 4 (@) and the unsteady sequence is studied
in Figs. 4 (b-p). The numerical grid used for this computation
is uniform, in both the y and x directions, and consists of
(14*60) cells. It is concluded from Fig. 4 (a) that the numerical
steady-state solution captures the shock wave within two cells.

As the exit pressure increases, the lines of constant Mach
number close to the outlet are pushed upstream, especially at
the lower wall (Fig. 4b5). Up to #=37/8 there has been no
change for x<0.7. At t==/2 the exit pressure has reached its
maximum value (Fig. 4c), whereafter it starts to decrease. The
flow does not, however, react instantaneously to this change
at the outlet, and the velocity continues to decrease. The
signals from the outlet reach farther into the flow field close to
the lower wall at a certain time, as here the flow velocity is
lower than at the upper wall. The lines of constant Mach
number in the flow field are thus still turned more forward,
whereas they start to turn backward at the outlet (Fig. 4d).
Simultaneously, the disturbances propagating close to the up-
per wall have reached the shock, which then starts to move.
The maximum preshock Mach number decreases rapidly as
the shock moves upstream (Fig. 4e).

At time = 7 (Fig. 4f) the exit pressure has again reached its
steady-state level but, due to the finite propagation time of the
disturbance signals, the flow velocity in the forward part of
the nozzle continues to decrease. The flow is now subsonic
throughout the nozzle, although a small unsteady shock wave
is still being propagated upstream, in the same manner as the
previous one-dimensional sample case, on the upper wall. At a
somewhat later time (Fig. 4g) the velocity in the nozzle has
reached its minimum value and the flow in the upstream part
of the channel finally starts to react to the decrease in exit
pressure.

2 This shape, and not the circular arc bump, has been deliberately introduced
in order to minimize numerical errors as the unsteady shocks pass over the cor-
ners of the bump.

3Such steady-state flow fields have been studied, both for circular arc and
sinusoidal bumps, by several authors (see, for example, Moretti, 1981, and Ni,
1982).
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Mach number in physical plane
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Fig. 4 Sinusoidal “bump” flow. M _, =0.675, p, =0.7369. Unsteady
solution for two-dimensional sample case. pgamp =0.12, k=0.369.

Mach number in physical plane.

The increase in flow velocity appears at the whole channel
width, but obviously with a larger value at the bump. As the
imposed pressure wave train approaches the bump, the flow
velocity at the upper wall will again reach a sonic value (Fig.
4h) and the shock steepens gradually. At t=37/2 (Fig. 4)) the
exit pressure has reached its minimum level and somewhat
later the shock passes again over its steady-state position (Fig.
4)), although with a considerably lower pressure jump than for
the steady-state solution (Fig. 4a). The pressure at the outlet is
now increasing, but the shock is rapidly moving downstream,
simultaneously as the flow velocity at the lower wall increases.
The flow velocity, on the lower wall, in the forward part of the
nozzle increases because of the decrease in the pressure wave
train here, and the flow velocity in the aft part decreases
because of the increase in pressure at the outlet. The shock at
the upper wall is then moved downstream, simultaneously as
the compression wave at the lower wall chokes the flow (Fig.
4k, t=2x; Fig. 4/, t=97/4). At the same time the pressure in-
crease at the outlet is moving upstream and this compression
wave is slowly building itself up to a shock wave at the lower
wall also and, indeed, over the whole width of the channel
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(Fig. 4m, t=19%/8). Although the shock at the lower wall is
fairly weak, it can still be considered to be captured within two
numerical cells.

The shock at the upper wall has now reached its maximum
position, with a considerably higher preshock Mach number
than for the steady-state flow field, whereafter the whole
shock structure is pushed upstream as the imposed pressure
wave train from the exit increases the postshock pressure. The
part of the shock at the lower wall moves faster upstream than
the shock close to the upper wall, and at = 11#/4 (Fig. 4n) the
upper wall shock reaches again its steady-state value. The
unsteady lower wall shock is still propagated upstream, but it
is now in the subsonic flow field (i.e., M hock <1). The
preshock Mach number on the upper wall is higher than the
value for the steady-state solution (Fig. 4q) and considerably
higher than the value reached during the downward movement
of the shock (Fig. 4/). Indeed, not only the flow on the upper
wall, but the whole flow field is very different for the two time
levels having the same shock position (Fig. 4/, shock moving
downstream; Fig. 4n, shock moving upstream).

The shock at the lower wall is pushed farther into the sub-
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sonic part of the nozzle and becomes weaker because of the
decrease in upstream flow velocity, at the same time as the
shock at the upper wall also is moved upstream (Fig. 40). The
whole shock structure is turned upstream toward the lower
wall, contrary to the earlier position when it was instead
turned downstream closer to the lower wall (Fig. 4m). The
shock, which extended over the whole channel width at
t=197/8 (Fig. 4m) becomes now so weak as to only be noticed
as compression waves, whereafter the flow is again accelerated
and the shock on the upper wall slowly starts to appear again
(Fig. 4p, t=297/8). Although now only the second cycle of
the pressure fluctuation is considered, it can be concluded that
the flow is building itself up toward a periodic time-varying
flow field (compare ¢=137/8 and one cycle later, =29 n/8;
Figs. 4/ and 4p). The same pattern of shock buildup as seen
during the latter part of the first cycle will now be repeated
again.

As for the one-dimensional sample case, the large dif-
ferences in the flow field for identical shock positions (com-
pare Figs. 4j and 4n) may introduce large unsteady loads,
which may be very different from the predicted steady-state
lift and moment (Fig. 4a).

Obviously, as in the quasi-one-dimensional sample cases
shown, the unsteady flow field depends on the imposed exit
pressure amplitude and frequency, as well as on the nozzle
geometry and the steady-state flow field.

Conclusions

A numerical method for solving the fully unsteady two-
dimensional subsonic and transonic inviscid flow has been
presented.

e The method gives stationary results that agree well with
other numerical and exact solutions for channel flows.

e The unsteady shock movement in a nozzle, as calculated
with the present transonic model, agrees well with the one
predicted by an analytical small perturbation theory.

e The transonic model has the possibility to capture unsteady
shock waves moving into the subsonic part of a nozzle.

e The average unsteady shock position in a nozzle does not,
for oscillating back pressure, necessarily agree with the steady-
state position.

e The two-dimensional unsteady flow can be very different
from the steady-state flow field. It has been shown that the
unsteady flow may be choked during some part of the cycle
and completely subsonic during some part of the cycle. Fur-
thermore, unsteady shock waves may propagate into the sub-
sonic part of the flow field.

e The pressure jump over the shock, as well as the unsteady
postshock pressure, is different for identical shock positions
during the cycle of fluctuation, which implies that an unsteady
shock movement, imposed by oscillating back pressure, may
introduce a significant unsteady lift and moment.

e It is also noted that, although the sonic velocity is obtained
in the throat of steady-state quasi-one-dimensional flow, this
is not necessarily true for the unsteady flow. During part of
the period with fluctuating back pressure, the flow velocity
may be subsonic at the throat and still reach a supersonic value
farther downstream in the nozzle.

It can be concluded that the present numerical model can
predict unsteady wave propagation phenomena in unsteady
flows, and can accurately capture moving shock waves. It can
be used for investigating unsteady transonic flow, with large-
scale shock motions, in nozzles and diffusers.

Presently, experiments with an oscillating shock wave in a
converging-diverging nozzle are performed at the EPF-
Lausanne. The objective of these tests is to measure the shock
oscillations, to compare the numerical results with the data,
and to establish the validity of the numerical model.
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Wake-Boundary l.ayer Interactions
in an Axial Flow Turbine Rotor at
Ott-Design Conditions

A series of experimental investigations has been undertaken in a single-stage low-

H. P. Hodson speed turbine. The measurements involved rotor blade surface flow visualization,
surface-mounted hot-film anemometry, and exit pitot traverses. The effects of vary-
ing the flow coefficient and Reynolds number upon the performance of the rotor

J. S. Addison blade at midspan are described. At the design flow coefficient (¢ =0.495), the rotor

pressure surface flow may be regarded as laminar, while on the suction surface,
laminar flow gives way to unsteady stator wake-induced transition and then to
turbulent flow. Owver the range of Reynolds numbers investigated
(1.8x10°-3.3%x 10°), the rotor midspan performance is dominated by the suction
surface transition process; suction surface separation is prevented and the rotor
midspan loss coefficient remains approximately constant throughout the range. At
positive incidence, suction surface leading edge separation and transition are caused
by a velocity overspeed. Reattachment occurs as the flow begins to accelerate toward
the throat. The loss associated with the separation becomes significant with increas-
ing incidence. At negative incidence, a velocity overspeed causes leading edge
separation of the pressure side boundary layers. Reattachment generally occurs
without full transition. The suction surface flow is virtually unaffected. Therefore,
the rotor midspan profile loss remains unchanged from the zero incidence value un-

Whittle Laboratory,
Cambridge University,
Cambridge, United Kingdom

til pressure side stall occurs.

Introduction

Knowledge of the off-design performance of a turbine is im-
portant since it affects the operating costs and component life.
In the case of aero-engines, idling, take-off, and cruise will
result in very different operating conditions within the tur-
bine, particularly in the low-pressure stages. Similarly, marine
and industrial gas and steam turbines and constant pressure
turbochargers are often required to operate away from the
design point for significant lengths of time. In pulse tur-
bocharging applications, the periodic cycling of the mass flow
and pressure also results in large departures from the mean
operating condition.

At present, the off-design performance of axial turbines is
usually predicted using methods based upon correlations.
Cascade testing and computational methods are also
employed, albeit to a much lesser extent. In each case, the flow
is assumed to be steady, even though it is known that the close
proximity of rotating and stationary blade rows and the
resulting unsteady flow can have a profound effect upon even
the design point performance of turbines (e.g., [1]).

The unsteady flow that occurs as a result of the relative mo-
tion of adjacent blade rows gives rise to various interactions.
The potential influence of a blade extends both upstream and

Contributed by the Internal Gas Turbine Institute and presented at the 33rd
International Gas Turbine and Aeroengine Congress and Exhibition, Amster-
dam, The Netherlands, June 5-9, 1988. Manuscript received by the Interna-
tional Gas Turbine Institute January 13, 1988. Paper No. 88-GT-233.
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downstream and decays exponentially with a length scale
typically of the order of the chord or pitch. In contrast, the
wakes are convected downstream from the blade row and their
rate of decay is much less than that of the potential influence.
The wake effect will therefore persist even where the blade
rows are spaced far apart. In axial turbines, the blade row
spacings are typically of the order of one quarter to one half of
a blade chord. When this spacing is near the lower limit, it is
likely that potential and wake interactions will coexist. In tran-
sonic stages, further interactions arise as the direct result of
the impingement of the trailing shock waves upon the
downstream blade row [2-4]. In low-aspect-ratio turbines [5],
the blade row interactions are dominated by the unsteadiness
caused by the secondary flows and associated vortices rather
than by the wakes. The present paper is specifically concerned
with wake interactions in the absence of these other
phenomena.

The majority of research concerned with wake interactions,
whether in a turbomachine (e.g., [1]) or in a simulation (e.g.,
[6]) has concluded that the most significant effect is the
periodic forcing of the transition of the blade surface
boundary layers and the influence this has upon the
aerodynamic and thermodynamic performance of the blade
row.

The presence of the wake above the blade surfaces causes
the formation of a turbulent patch within an otherwise
laminar boundary layer (see [1-4, 6]). The leading edge of this
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patch travels with the leading edge of the wake at approx-
imately the free-stream velocity. The rear of the patch travels
more slowly, at a rate that is more typical of that observed at
the rear of turbulent spots formed by natural transition [6].
Due to the differing leading and trailing velocities, the patches
caused by successive wakes merge rapidly and the transition
process is complete ahead of the would-be position of the end
of natural transition.

Away from the design point little is known about the in-
fluence of unsteady flow upon performance. Indeed, reference
[8] contains the only detailed investigation of the off-design
(reduced flow coefficient) steady-state performance of an ax-
ial turbine stage that is known to the authors; while Doorly [3]
briefly describes the effects of reduced Reynolds number,
albeit from 2x10% to 1x 10%, upon simulated wake interac-
tions in a cascade model of a high-pressure turbine.

The present paper is concerned with the mechanisms and
relevance of wake interactions in axial turbines. It describes an
investigation of the design and off-design performance of a
large-scale low-speed single-stage axial flow turbine for which
the effects of unsteady flow at the design condition have
previously been reported [1, 7, 9]. The effects of changing
flow coefficient and Reynolds number upon the performance
of the rotor midspan section are considered. The operating
range includes values typical of those found in low-pressure
turbines.

Experimental Details

Research Turbine. The single-stage turbine used for the
present investigation has been previously described [1, 7, 9].

The turbine is a 50 percent reaction, free-vortex design with
zero exit swirl. The stage consists of 36 stator blades followed
by 51 rotor blades with aspect ratios of 1.5 and 2.0, respec-
tively, and a constant hub-tip ratio of 0.7. The flow at rotor
midspan, with which much of the present investigation is con-
cerned, is essentially two dimensional and free from the in-
fluences of secondary flow and tip leakage phenomena.

The rotor blade was designed for relative inlet and exit
angles of 0 deg and — 65 deg, respectively. At midspan, this
corresponds to a flow coefficient ¢ =V,,/U,, of 0.498 and a
Reynolds number, based upon rotor relative exit velocity and
. chord, of 3.15 x 10°. The airflow rate through the turbine and
the rotational speed were separately controlled. This enabled
the independent variation of flow coefficient and Reynolds
number. At the design Reynolds number, the flow coefficient
was varied from 0.26 to 0.82, while at the design flow coeffi-
cient, the Reynolds number was varied in the range from
1.8 x 10° to 3.3 x 10°. Table 1 contains further details of the
stage.

Table1 Turbine midspan section: design conditions

Stator Rotor
Flow coefficient, V,,/U, 0.498
Stage loading Ahy/U?, 1.0
Reynolds number Re 4.2x 10 3.15%x 10°
Rotational speed, rpm — 530.
Inlet axial velocity Vi, m/s 17.95 —
Blade inlet angle (from axial) 0.0 deg 0.0 deg
Blade exit angle (from axial) 65.0 deg —65.0 deg
Chord, mm 152.4 114.3
Pitch-chord ratio 0.742 0.698
Aspect ratio 1.5 2.0

Number of blades 36 51
Mean radius, m

Table2 Stator wake measurements

Traverse location 43 percent Cy,
(downstream of stator trailing edge)

117 percent Cy

&*/stator pitch 0.0080 0.0084

0/stator pitch 0.0071 0.0070

H=§*/6 1.27 1.20

Loss coefficient Y, 0.014 -

Incidence variation 7.5 deg 5.0 deg

Mean incidence Ai _ 2.1 2.0 Relative
Velocity defect AV/V 0.105 0.080

Maximum turbulence intensity 9.5 % 5.5% Frame
Mean turbulence intensity 4.1% 3.2%

In previous investigations, the stator-rotor axial gap has
been set at 75 and 143 percent of the stator axial chord C.
For the present investigation, the gap was reduced to a more
representative 50 percent C,,. At this spacing, the rotor-stator
interactions were still expected to be dominated by wake in-
teractions but the intensity of the interactions was expected to
be greater. Table 2 contains details of the rotor midspan in-
flow obtained in the rotor relative frame and taken from [1].

Turbine Rotor Flow Visualization. One of the few surface
flow visualization techniques available for investigations in
the rotating frame is that used, for example, by Joslyn and
Dring [8]. The rotor blade hub surfaces were coated with
Ozalid paper. With the turbine at the desired operating condi-
tion, ammonia gas was then ejected through static pressure
tappings in the surface of the blades. These tappings were
positioned at 10, 30, 50, 73, and 95 percent span on the
pressure surface and at §, 27, 55, 77, and 94 percent span on
the suction surface. The typical exit velocity of the ammonia
from a tapping was less than 0.01 percent of the free-stream
velocity and thus unlikely to affect the main flow. Although
ammonia (molecular weight of 17 kg/kmol) is much lighter

Nomenclature
Tu = turbulence intensity
A = anemometer calibration U, = mean blade velocity Subscripts
constant V = velocity 0 = stagnation
C, = axial chord Y, = stagnation pressure loss 1 = stator inlet
E = anemometer voltage coefficient 2 = stator exit or rotor inlet
h, = stagnation enthalpy AP 3 = rotor exit
. oo Orel .
i = incidence = rel = relative
k = anemometer calibration Y2003 el -
s = surface or stator
constant o = air flow angle (from axial) x = axial
P, = stagnation pressure 6* = displacement thickness .
Re = Reynolds number 6 = momentum thickness Superscripts
rms = root-mean-square p = density ~ = mean phase
s = surface distance or blade pitch 7, = wall shear stress ~ = phase-locked average
T = periodic time ¢ = flow coefficient ' = random or nondimensional
t = time (rotor position) Q = rotational frequency value
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Fig. 1 Rotor surface flow visualization: Re =3.15 x 105. ¢=0.498 (i=0

deg)

than air (29 kg/kmol) experiments by other investigators (see
[8]) have shown that the buoyancy effects are negligible.

All the rotor flow visualization experiments were carried out
at the design Reynolds number of 3.15x 107,

Turbine Rotor Exit Traverses. The rotor midspan exit
flow was traversed using a fast response pitot probe. The
traverse was located at the half an axial chord downstream of
the rotor. The rotating frame traverse gear and pitot were the
same as those used in previous experiments [1]. The pitot is
relatively insensitive to incidence and it was sufficient to align
it with the mean outlet flow angle. The probe has an upper fre-
quency limit in excess of 10 kHz.

At each of 64 locations, 256 samples were acquired during
the passage of six stator blades. The data were phase-lock
averaged over 16 revolutions; increasing this did not give
significantly different results.

Surface-Mounted Hot-Film Anemometers. The develop-
ment of the rotor midspan pressure and suction surface
boundary layers was investigated using an array of DANTEC
surface-mounted constant temperature hot-film anemometers.
The multi-element gage was similar in construction to those
used successfully in the Transonic Casade Facility at the Whit-
tle Laboratory [10, 11]. The gages were repositioned several
times in order to permit a full investigation of the rotor
midspan boundary layers.

The similarity between the velocity and temperature pro-
files, the latter generated by the hot-film anemometer, leads to
a relationship between the rate of heat transfer to the fluid and
the wall shear stress of the form [12}

E*—A’=krl

where E is the bridge output voltage and the constant A
represents the heat lost to the substrate. In the previous work
[11 carried out at low speed, individual hot-film gages have
been calibrated. In the present case, however, the calibration
of an array would have been both difficult and extremely time
consuming. It was therefore decided to adopt a similar pro-
cedure to that described in [10, 11]. It is assumed that the con-
stant A in the above equation can be approximated by the
bridge voltage measured under zero flow conditions E,. Fur-
thermore, reducing the data to the form of (E?/E$ — 1) should
suppress the effects of different values of the constant of pro-
portionality k given the assumption that the rates of heat
transfer to the air and substrate are similar functions of the
same variables. In practice, a further simplification was in-
troduced whereby the data acquired were in the form of
voltages.

Journal of Turbomachinery

Due to limitations imposed on the data acquisition rate, the
signals from each hot-film could not be acquired
simultaneously and so the signals presented are not referenced
to the same physical position of the rotor on the same revolu-
tion. For each gage, 256 data points were acquired during the
passage of six stator blades. The data were phase-lock aver-
aged over 64 cycles.

Phase-Lock Averaging Technique. The use of phase-lock
averaging to process periodic data out of raw signals obtained
in rotating machinery is a well-established technique requiring
little further explanation.

In addition to the ensembled mean voltage

_ 1 &
E(t)y=— E(n,t
(1) =— El (n, )
which is phase-locked to the rotational frequency of the tur-
bine, the ensembled mean square was also acquired, thus
enabling the ensembled root mean square (rms)

1 [& _
rms (¢) :W\/E [E(n, H-E()]?

n=1

1 N -
=W\/E [E2(n, ) F2(1)]

n=1

to be determined, where E(n, f) is the nth phase locked ensem-
ble of the voltage E(¢). The ensembled rms thus contains in-
formation only about how the random content of the signal
varies with rotor position ¢.

Results and Discussion

Design Condition. The results of the rotor surface flow
visualization study, obtained at the design condition, are
presented in Fig. 1. In each of the photographs shown and in
subsequent ones, the line of sight is approximately normal to
the midspan chord line. Figure 1 shows that on both the suc-
tion and pressure surfaces, the flow at midspan is nominally
two dimensional. On the suction surface, where three-
dimensional effects are usually most evident, the effects of
secondary flow are restricted to the outer and inner 20 percent
span. At both 27 and 77 percent span on the suction surface,
the traces of ammonia emitted from the most upstream holes
mask the traces of the downstream holes, indicating that there
is little or no radial movement of the flow at these spanwise
positions. At midspan, the ammonia traces suggest that the
flow vectors near the suction surface point radially outward by
a few degrees. Measurements obtained by traversing hot wires
positioned near peak suction, albeit at the larger axial gap of
75 percent C,, [13], show that at the surface, the radial flow
angle is approximately 7 deg outward at midspan.

The rotor midspan surface velocity distribution, predicted
by the method of Whitehead [15], is shown in Fig, 2 together
with the velocity data obtained in an equivalent linear cascade
[1]. In this figure and elsewhere, the surface distance is
measured from the geometric leading edge of the rotor blade.
It shows that the profile is moderately aft-loaded, with con-
tinuous acceleration on the pressure surface. Peak suction oc-
curs near 45 percent s on the suction surface. The predicted
velocity distribution was employed as input data to the bound-
ary layer prediction scheme of Cebeci and Carr [14]. Predic-
tions of the wall shear stress for laminar and fully turbulent
flow over the suction surface and laminar flow over the
pressure surface are also presented in Fig. 2. On the pressure
surface, after an initial decrease, the predicted wall shear
stress rises continually as a result of the continuous accelera-
tion on that surface. Transition is not predicted. On the suc-
tion surface the wall shear stress in both the laminar and the
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turbulent boundary layers is relatively high until after peak
suction. In the laminar case, separation is predicted near 79
percent s.

Examples of the hot-film data obtained at the design
Reynolds number are shown in Fig. 3. Each box contains the
data from one hot film. For each of the gages, the fluctuating
component of the raw signal and the ensembled mean are
shown together with the ensembled rms. The vertical scale in
this and other figures is the same in all cases. In each of the
traces, the time ordinate has been nondimensionalized with
respect to the stator wake passing periods, so that ¢’ =¢/T.
The reader may notice that in these and other hot-film results,
the disturbance caused by each stator wake is not identical.
This is due to six support struts, which are equispaced around
the circumference in the inlet section of the rig and which shed
wakes onto the 36 downstream stator blades. Consequently,
every sixth stator blade has an artificially thickened wake.
This can be seen, for example, near ¢’ =4 in the rms traces of
the leading edge gage (0 percent 5) of Fig. 3.

Figure 3 shows that at the geometric leading edge (0 percent
s), the continual movement of the instantaneous stagnation
““point,’’ which occurs as the stator wakes intersect the leading
edge, results in relatively high levels of phase-locked periodic
unsteadiness. The raw data are characterized by the periodic
occurrence of sharp spikes interspersed by relatively slow
variations. These spikes do not appear in the ensembled mean
signal. In the presence of the wakes therefore, relatively high
levels of random unsteadiness are indicated by the rms traces.
These may be a consequence of decelerating the turbulent
wake flow toward the stagnation region, cycle-to-cycle varia-
tions, or vortex shedding within the stator wakes. Reference to
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the results from gages adjacent to the leading edge shows that
the stagnation region is limited to just a few percent of the sur-
face distance, which is consistent with the relatively small in-
cidence variation that exists within the wake as indicated by
Table 2.

Beyond the stagnation region, the results of Fig. 3 show that
on the suction surface, there are three distinct regions of flow.
The first or laminar region ends before 45 percent s, which
corresponds to peak suction. In this region, the raw signals
and ensembled mean traces are similar, with only relatively
low-amplitude, low-frequency information being present.

The second or transitional region begins near 45 percent s.
This is approximately 10 percent s earlier than with a
stator-rotor axial gap of 75 percent C,, and 20 percent s
earlier than with a gap of 145 percent s [1]. At 45 percent s,
Fig. 3 shows that the raw signal contains rapid periodic in-
creases in shear stress followed by short periods of high-
frequency fluctuations and then a decay back to the relatively
quiescent state. The near-zero values of the rms traces indicate
the extent (in time) of the quiescent state. Such traces are
typical of those observed in boundary layers undergoing
forced transition as a result of the passage of wakes over the
blade surface (e.g., [2]). The rapid increase of shear stress in
the raw signals signifies a change of state within the boundary
layer, that is, from laminar to turbulent flow. The higher fre-
quency fluctuations that follow this increase represent the tur-
bulent fluctuations present within the turbulent patch. The
quiescent regions between the turbulent patches therefore cor-
respond to the regions of laminar flow between wakes. As the
flow develops further on the suction surface, transition pro-
gresses so that by 55 percent s, the rms no longer approaches
zero for any part of the wake passing cycle and the regions of
higher frequency fluctuations are greater in extent.

At approximately 67 percent s, 15 percent s earlier than at
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the larger axial gaps [1], the third or turbulent phase of
boundary layer development is entered. In this region, the ran-
dom and periodic components of the signal are of similar
magnitude. The mean level of the rms traces is reduced when
compared with those within the transitition region. The varia-
tion in the rms is also negligible in the turbulent region. In a
transitional boundary layer, the change of state results in a
change of heat transfer rate from the hot-film that is much
greater than the fluctuations observed in turbulent boundary
layers. The raw signals show that this is indeed the case. The
periodic variations of the ensetnbled signal within the transi-
tional boundary layer should also be far greater than those
outside the transition region. This does not explain the dif-
ferent amplitudes or mean levels of the rms traces within the
transitional and turbulent regions. The rms contains informa-
tion only about the random content of the traces. Therefore,
in the transition region, either the turbulent patch, which
develops under a wake, consists of not one but many turbulent
spots that occur randomly in the presence of the wake, or the
transition process itself is extremely sensitive to any cycle-to-
cycle variations that may occur. A much closer inspection of
the raw hot-film signal near the start of the transition region
shows that separate spots do exist and in some cases, are in the
process of merging. This random occurrence of turbulent
spots also explains why, in the transition region, the amplitude
of the ensembled signal is much less than that of the raw
signal.

The occurrence of three distinct phases of boundary layer
development noted above is well known in the case of steady
cascade flows, where laminar flow gives way to transition and
then turbulent flow. In the literature, however, little attention
has been paid to the extent of the first of the three regions
noted in the presence of wakes. Indeed, in previous investiga-
tions [1] of the present turbine, the primary flow regime was
believed to be one of a relaminarizing turbulent flow rather
than what now appears to be a disturbed laminar boundary
layer. A further discussion of these aspects can be found
below and in a companion paper to the present work [16].

So far, the discussion has been concerned with the develop-
ment of the flow on the suction surface. However, Fig. 3 also
contains results obtained on the pressure surface at the design
condition. Initially, the boundary layer state is similar to that
on the suction surface, but whereas transition occurs on the
suction surface, the characteristic waveforms associated with
transition never materialize on the pressure surface. There is
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very little evidence of either random or periodic unsteadiness.
The raw signals show that the unsteadiness that does exist oc-
curs mainly at relatively low frequencies. The rate of decay of
the unsteadiness on the pressure surface becomes evident when
it is remembered that the mean shear stress rises continuously
on this surface (Fig. 2). A comparison with the results of [1]
shows that these results are very similar to those obtained at
the larger axial gaps of 75 and 145 percent C,.

The character of the hot-film signals has been used to iden-
tify the state of the blade surface boundary layers. The
changes of state are particularly characterized by the rms
traces. In view of this, the rms data from each of the hot-film
gages have been combined into the surface distance-time plot
of Fig. 4. As in previous plots, the time is nondimensionalized
with respect to the stator passing period. The contours shown
are of the rms levels nondimensionalized with respect to the
zero-flow voltage. Figure 4 also contains the predicted trajec-
tory of small disturbances, which are convected with the free
stream. The phase of the trajectories has been arbitrarily
chosen best to aid the interpretation of the data.

Many of the trends noted in Fig. 3 are summarized in Fig. 4.
From the initially high levels of unsteadiness around the
leading edge, distinct regions of high and low levels of random
unsteadiness emerge. On the pressure surface, these regions
simply extend to the trailing edge, since the boundary layer
does not undergo a change of state. The regions of high
unsteadiness are convected at the local free-stream velocity
and must therefore be a direct result of the impingement of the
wake on the pressure surface, since the convection rates of
small-amplitude disturbances are known to be much less than
in the free stream. This means that disturbances present within
the boundary layer are very rapidly damped, since individual
elements of the boundary layer must experience alternating
levels of high and low free-stream disturbances.

On the suction surface, Fig. 4 shows that the development
of the boundary layer does indeed consist of the three distinct
regions of flow. Over the initial part of the surface, the state is
similar to that on the pressure side and the random
unsteadiness within the boundary layer is convected with the
wake in the free stream. Therefore, although there is un-
doubtedly an injection of unsteadiness into the boundary layer
at the leading edge, it is again the random unsteadiness
generated by the wake that dominates the initial development
of the suction surface boundary layer. At 45 percent s, transi-
tion of the suction surface boundary layer begins. In Fig. 4,
this process first manifests itself as an increase in the rms
values within the wake affected region. As other experiments
have shown (e.g., [2, 6]), the trailing edge of the transitional
patch lags behind the free stream so that the turbulent patches
caused by successive wakes merge to form a continuously tur-
bulent boundary layer. Downstream of the transition region,
the rms levels still vary as a result of the wake interactions, but
the levels themselves are much reduced, as has already been
discussed above.

Reynolds Number Variation., The relevance of Reynolds
number to the performance of steady flow turbine cascades is
well known. At Reynolds numbers less than 105,lmany pro-
files béhave in a laminar fashion with profile loss coefficients
that vary as Re~ "2, At Reynolds numbers above 10°, many
profiles are described as turbulent, with losses that vary as
Re~'3, In between these limits, it is impossible to generalize
since the process of transition is dependent upon many dif-
ferent parameters. This section reports the effects of changing
Reynolds number upon the boundary layer development and
consequent profile loss of the turbine rotor midspan section.
The Reynolds numbers investigated extend from 1.8 x 10° to
3.3x10°, which is the range within which many cascades
begin to stall.

The midspan section of the rotor has previously been in-
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vestigated in a cascade [1] where, at the design Reynolds
number, it is known to have laminar boundary layers on both
of the blade surfaces. On the suction surface laminar separa-
tion occurs at approximately 79 percent s with reattachment
not quite occurring by the trailing edge. A laminar vortex
street forms downstream of the blade. The area-averaged mid-
span stagnation pressure loss coefficient, based upon exit dy-
namic pressure, was equal to 0.0195. Further measurements
[17] have since been obtained in the same cascade. At lower
Reynolds numbers, gross separation occurs and more loss
results, while at a Reynolds number of 3.4x10°, turbulent
reattachment occurs just prior to the trailing edge and the
overall loss is slightly reduced.

Figure 5 summarizes the results of the exit traverses carried
out behind the turbine rotor at midspan. The profile loss coef-

186 /Vol. 111, APRIL 1989

ficients were obtained by area integration of the measured
values. The scatter in the experimental data is most probably
because it was necessary to assume that the measured stagna-
tion pressure between the rotor wakes represented the zero loss
level. The linear cascade results and the mass-averaged value
obtained at the larger axial gap of 75 percent C,; are also
shown for reference. The predictions shown in the figure will
be discussed below. In the turbine, the profile loss is almost in-
dependent of Reynolds number, while in the cascade, it in-
creases significantly as the Reynolds number is reduced. These
differences in behavior between the rotor and cascade can be
traced, as expected, to differences in the transition process on
the suction surfaces, and it is encouraging to note that the ap-
parent working limit of the turbine rotor can be extended to
lower Reynolds numbers than cascade tests would suggest.

Hot-film data were obtained at off-design Reynolds
numbers of 1.8, 2.4, and 3.3 X 105, On the suction surface, the
boundary layers experienced the three phases of development
described above at each of the Reynolds numbers investigated.
The differences are restricted to differences in the levels of
unsteadiness present and the locations of the start and finish
of transition. On the pressure surface, the boundary layers are
disturbed only by the presence of convected phenomena, the
disturbances being least at the highest Reynolds number. This
decrease is due to changes in ambient temperature, which af-
fect the sensitivity of the hot-films. In fact, the general level of
signals should be higher owing to the increase in heat transfer
that occurs in a single state boundary layer as the Reynolds
number is increased. The boundary layers are also more
susceptible to free-stream disturbances at the higher Reynolds
numbers.

Figure 6 shows the traces obtained at the lowest Reynolds
number of 1.8 X 10°. A comparison of Figs. 3 and 6 confirms
that the differences in boundary layer development at the two
Reynolds numbers are slight. At the lower Reynolds number
on the pressure surface, the boundary layers are again dis-
turbed but laminar in the presence of the wakes. Indeed, it is
only in the transition region on the suction surface that any
significant differences occur. A comparison of the hot-film
traces obtained on the suction surface shows that at the higher
Reynolds number, transition is further advanced at 45 percent
s than at the lowest Reynolds number, where it has only just
begun. As a result of the decreased Reynolds number, transi-
tion is largely complete by 79 percent s rather than by 67 per-
cent s.

Previous results [7] obtained in the turbine show that the
wake may be modeled as a negative jet. Reference to this
model shows that in the free stream, adjacent to the suction
surface, the velocity waveform should be characterized by an
increase in velocity as the wake approaches, a rapid decrease
to below the undisturbed value as the centerline of the wake
passes by, and then a rise to the undisturbed value. On the
pressure side, this wave form should be inverted. Near the
leading edge, the boundary layers are relatively thin so that the
ratio of the time required for a disturbance to diffuse across
the boundary layer to the periodic time of the wake passing is
so low that the response should be quasi-steady. In the vicinity
of the leading edge, for example 0 percent s and 7 percent s on
the pressure surface, Fig. 6 shows.that the wave forms of the
ensembled mean hot-film signals are indeed similar to the ex-
pected pressure side velocity waveforms. The traces obtained
at 6 percent s on the suction side are also similar to the ex-
pected form. As the boundary layers develop further along the
surfaces, the diffusion time increases so that the response will
no longer be quasi-steady and the similarity is no longer clear-
ly observed.

The above discussion has centered largely upon the effects
of the random unsteadiness (turbulence) within the stator
wakes upon the transition process of the blade surface
boundary layers. In correlations of the effects of turbulence
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upon transition, the Reynolds number based upon momentum
thickness is often of prime importance. In some correlations
(e.g., [18, 19]) the effects of the local nondimensional pressure
gradient are also included, although as [19] shows, there is lit-
tle dependence at modest levels (> 1.5 percent) of free-stream
turbulence intensity, particularly in accelerating flows.

Figure 7 contains a contour map of the predicted variation
of momentum thickness Reynolds number Re, for laminar
suction surface boundary layers as a function of surface
distance and chord based Reynolds number. In addition to the
contours, the estimated start and finish of transition are also
shown. It should be remembered that the contours are of
predicted values and that as the measurements of [9] show, the
actual values are slightly greater prior to transition.

Figure 7 shows that transition begins when Re, reaches a
value of between 160 and 205 and that it ceases at a value of
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between 255 and 300. Transition therefore begins soon after
peak suction and ends when the predicted laminar Re; would
have increased by approximately 95. The correlations of tran-
sition in [18-20] suggest that transition will not occur below a
value of 163, whatever the external pressure gradient or tur-
bulence intensity. Thus, it is not surprising that laminar flow
occurs over the leading portion of the suction surface. Simi-
larly, the pressure side value never exceeds 150, and given the
continuous acceleration on that surface, transition should
never occur. The correlations and location of the start of tran-
sition also suggest that on the suction surface at the higher
Reynolds numbers, the free-stream turbulence intensity is ap-
proximately 3 percent, whereas at the lowest Reynolds
number, it is 5 percent or more. This implies that the stator
wake flow and/or the interaction is affected by the changes in
Reynolds number, a phenomenon that should be studied in
future investigations.

The above conclusions are based upon correlations of
steady flow effects. However, given that it is the turbulence in
the wakes that appears to cause transition, the use of steady
flow correlations might be justified. Indeed, Hart [21] has
measured the effects of free-stream turbulence upon a
boundary layer typical of that found on a low-pressure turbine
suction surface. His results showed that at levels of free-
stream turbulence similar to those observed in the present
rotor, laminar flow existed in the presence of the turbulence.
He observed that although the Reynolds stresses within the
disturbed laminar boundary layer were generally insignificant,
the nonzero values near the free stream were sufficient to
reduce the shape factor below the undisturbed laminar value.
Hart’s results are therefore consistent with those in [9]. They
further support the hypothesis that the flow over the leading
portion of the suction surface and over the pressure surface is
laminar but disturbed. Figure 7 also shows that as the
Reynolds number is reduced, the start and finish of transition
move rearward, indicating that at lower Reynolds numbers,
laminar separation might not be prevented.

The variation of the average state of the boundary layer
within the transition region may be assumed to be approx-
imately linear. Predictions were therefore made of the suction
surface momentum deficit by averaging the values obtained
from calculations in which transition was specified at the start
and end of the measured transition region. This value,
together with a prediction of the laminar pressure surface
momentum deficit, enabled the profile loss predictions shown
in Fig. 5 to be calculated. The agreement between the ex-
perimental data and predictions supports the conclusions
drawn above regarding the nature of the boundary layer
flows. The constancy of the prediction is of course due to the
compensating effects of the movement of the transition region
and the changes in Reynolds number.

Variation of Flow Coefficient. In this section, the per-
formance of the rotor is investigated over a range of flow coef-
ficients which, as Table 3 shows, covers a range of rotor mid-
span incidence from approximately — 60 deg to +40 deg.

The effect of incidence upon the acrodynamic efficiency of
a blade row is primarily related to the extent to which the
velocity (or pressure) distribution is modified by a change of
incidence. Figure 8 presents predicted rotor midspan velocity
distributions, obtained using the method of Whitehead [15],
for a range of incidence angles. Joslyn and Dring [8] studied
the off-design performance of an axial turbine and showed
that providing the blockage from boundary layer separations
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was small, the use of two-dimensional predictions was
justified. As in previous plots, the geometric leading edge is
the origin of the surface distance coordinate.

Positive Incidence. Figure 9 contains the results of the
flow visualization study obtained at a flow coefficient 0.82
(i= +40 deg). It should perhaps be noted here that the flow
visualization is a time-mean representation of the unsteady
flow field. The true stagnation ‘line’’ will move backward
and forward along the blade surface in response to the
unsteady flow. This is thought to explain the bidirectional
flows observed in the pressure surface flow visualization near
the leading edge at both 30 and 50 percent span. This must
also indicate the close proximity of the tappings at 30 and 50
percent span to the stagnation region. At 50 percent span, the
flow visualization indicates that the stagnation region occurs
near 13 percent s, a value that agrees with that shown in the
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predictions of Fig. 8 and is consistent with a high angle of
incidence.

The velocity predictions also indicate that at j= +40 deg, a
large leading edge velocity overspeed occurs on the suction
surface. As a result of the ensuing diffusion, the flow
visualization of Fig. 9 indicates the existence of a leading edge
separation bubble over the outermost half of the span. The
separation occurs very close to the leading edge while the reat-
tachment ‘‘line,”’ also indicated by bidirectional flows, runs
from approximately 25 percent s near midspan to 15 percent s
near the tip. The reattachment ‘“line’’ at midspan therefore
occurs near to where reacceleration is predicted (Fig. 8). This
suggests that reattachment may be due to reacceleration or at
least reduced diffusion and not simply transition.

The states of the midspan pressure and suction surface
boundary layers have also been investigated with the aid of
surface-mounted hot-film anemometers. A selection of traces
is shown in Fig. 10. These show that on most of the pressure
surface, the development of the boundary layer is similar to
that observed at the design condition. The pressure surface
boundary layer may therefore be assumed to be in a disturbed
but laminar state. A further analysis shows that the pressure
side disturbances are again convected at the free-stream
velocity.

At the leading edge of the blade (0 percent s), the hot-film
traces of Fig. 10 indicate that the suction surface boundary
layer is laminar and, compared to other gage locations, vir-
tually steady. The high mean value, when compared with the
zero flow voltage, suggests that it is also attached. The rapid
acceleration around the leading edge, which is responsible for
the presence of this stable laminar boundary layer, must finish
soon after, since at the next gage (3 percent s) on the suction
surface, very high levels of random, mainly high-frequency
unsteadiness exist. The intensity (rms) of the random
unsteadiness is affected by the wakes, but is high at all times.
The phase-locked periodic unsteadiness is relatively small at
this location. These facts suggest that the separation and
subsequent transition are dominated by the time-mean flow
field but nonetheless affected by the wake passing. At 19 per-
cent s, the raw signal, the ensembled mean, and rms are much
more typical of the turbulent boundary layers observed over
the rear part of the suction surface at zero incidence. The net
heat transfer to the fluid has also increased significantly by
this point, a trend that began at 16 percent s, indicating that
reattachment is largely complete by 19 percent s. This is
slightly upstream of the location indicated by the flow
visualization. In contrast to the situation at separation, the
traces at 19 percent s show that near the reattachment region,
the periodic and random variations are of equal significance.
However, it is impossible to determine whether the position of
the reattachment ““line”’ is steady or not or, indeed, if the
bidirectional spread of the ammonia traces noted above is due
to the random (i.e., turbulent) nature of the flow or simply the
periodic movement of the reattachment zone. Beyond 19 per-
cent s, the hot-film signals change in magnitude but not
significantly in character.

Experiments were also undertaken at a flow coefficient of
0.59 (i= +20 deg). At this condition, the flow visualization
contained no evidence of a leading edge separation bubble and
the stagnation “‘line’’ occurred upstream of the most forward
pressure side ammonia tappings. As the incidence was re-
duced, the significance of the tip leakage and secondary flows
also decreased. The appropriate velocity distribution of Fig. 8
was again used as input data to the boundary layer prediction
method, which predicted that laminar separation should occur
near the leading edge of the suction surface at i= +20 deg.
However, at i= + 18 deg leading edge separation was not
predicted. Given the approximate nature of the incidence
calculation and that predicted velocity distributions are being
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used as input data for the boundary layer code such a
discrepancy is not unreasonable. It should however be noted
that the boundary layer equations, because there is no
upstream influence, tend to predict early separation in regions
of very rapid diffusion.

Some of the hot-film data obtained at i= +20 deg are
shown in Fig. 11. The stagnation region is situated between 0
and 3 percent s on the pressure surface. As in previous cases, a
disturbed but laminar boundary layer develops on the pressure
surface. On the suction surface, the raw hot-film traces show
that transition begins very close to the leading edge. Between 0
and 3 percent s, for example, the intensity of the high-
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Fig. 13 Rotor surface flow visualization: Re=3.15x10°, ¢=0.35
(i= - 40 deg)

frequency random fluctuations increases. At 3 percent s, the
regions of low random unsteadiness between the wakes can
only just be identified. Given that the velocity distribution at
i= +20 deg again contains a leading edge overspeed and that
separation is predicted to (just) occur, such traces are to be ex-
pected. In addition, the raw signals of Fig. 11 at 3 percent s on
the suction surface contain many more turbulent spikes than
there are wakes (six). This indicates that although transition is,
on average, phase locked to the passing of the stator wakes,
the process of transition is not simply governed by the
presence of turbulence in the wakes. Similar observations have
been made regarding the process of transition on the suction
surface at the design incidence. Figure 11 shows that by 6 per-
cent s on the suction surface the turbulent spikes have begun
to merge with those from adjacent wakes so that a quiescent
region between the wakes can no longer be identified in the
rms traces. Fully turbulent flow occurs beyond 22 percent s.

Negative Incidence. In this section, the results obtained
using the ammonia flow visualization technique and the
surface-mounted hot-film gages are presented for a range of
reduced flow coefficients. The relevant velocity predictions
for the rotor midspan section are presented in Fig. 8.

At i= — 10 deg of incidence, the predictions suggest that the
boundary layers at midspan should be little different to those
at the design flow coefficient. The experiments confirmed that
this was the case.

At a flow coefficient of 0.41 (i= — 20 deg), a small amount
of diffusion, insufficient to cause laminar separation, is
predicted to occur on the pressure surface near the leading
edge. The flow visualization experiments confirmed this and
showed that the flow is still similar to that which occurs at the
design condition. The only differences were the reduced ex-
tents of the secondary and tip leakage flow and the slightly
greater radially outward shift of the ammonia traces on the
suction surface at midspan.

Some of the hot-film data obtained at a flow coefficient of
0.41 (i= — 20 deg) are presented in Fig. 12. The data obtained
on the suction surface were again very similar to those ob-
tained at the design flow coefficient except for a possible but
slight movement of the stagnation region onto the suction sur-
face. They are therefore not presented. On the pressure sur-
face however, the initial development of the rotor midspan
boundary layer is different to that which occurs at zero in-
cidence. The diffusion that now exists near the leading edge of
the pressure surface and is shown in Fig. 8 must explain the ex-
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istence of what appear to be the beginnings of turbulent
patches at 3 and 7 percent s on the pressure side of the blade.
As was the case in the leading edge bubble at + 20 deg of in-
cidence, the occurrence of these spikes appears to be random,
although on average, they are phase locked to the wake pass-
ing. On the pressure surface reacceleration begins near 21 per-
cent s so that the fluctuations are rapidly attenuated and the
boundary layer begins to revert to the laminar state.

The flow visualization results shown in Fig. 13 were ob-
tained at a flow coefficient of 0.35 (/= —40 deg). At this con-
dition, the pressure surface flow has begun to deteriorate. The
reversed flow that occurs over the entire span is due to a
pressure side leading edge separation bubble. The position of
the separation line near 3 percent s agrees with that predicted
for a laminar boundary layer. The sharp cutoff of the
upstream movement of the ammonia within the bubble sug-
gests that the position of separation is not influenced by the
unsteady inflow. The severity of the pressure gradient is also
indicated by the fact that both laminar and turbulent separa-
tion are predicted to occur. The apparent reattachment line of
this bubble is indicated in the figure. At midspan, reattach-
ment appears to occur near 25 percent s, which is near the
point at which the flow begins to reaccelerate.

The hot-film data of Fig. 14 were also obtained at a flow
coefficient of 0.35 (= —40 deg). Like the flow visualization,
they show that the suction surface flow is little affected by the
operation at large values of negative incidence. Transition, for
example, still begins near 45 percent s. On the pressure sur-
face, the trends noted above with decreasing incidence con-
tinue. At 3 percent s, there is the first occurrence of what again
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Fig. 16 Rotor midspan hot-film results: Re=3.15x 105, ¢=0.26
(i= — 60 deg)

appear to be turbulent spikes or patches. By 7 percent s, many
more spikes have formed and there are virtually no quiet
periods between the wakes. At 10 percent s, the turbulent
patches have merged so that the periodic variation in the rms is
reduced and the flow is probably turbulent though separated.
Beyond the start of the reacceleration (25 percent s), the
pressure surface boundary layer becomes increasingly damped
so that by the trailing edge, the higher frequency fluctuations
are much reduced in amplitude. Nevertheless, the random
levels are greater than at the more positive incidences, sug-
gesting that the pressure surface boundary layer is relaminariz-
ing rather than laminar.

The last set of data was obtained at a flow coefficient of
0.26 (i= ~60 deg) when, as Fig. 8 shows, there is massive
pressure side leading edge diffusion. The appropriate flow
visualization is shown in Fig. 15. The pressure side boundary
layer has completely separated from the blade surface. The
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almost circular traces formed by the ammonia show that dif-
fusion rather than convection dominates the flow near the sur-
face. As a result, the hot-film traces of Fig. 16 show that there
is a high degree of random unsteadiness on the pressure sur-
face with very little evidence of any periodic phenomena. The
raw signals contain intermittent regions of high frequency,
high shear followed by quieter periods of variable length.
There is little evidence of phase-locked phenomena, The
disturbances occur at a frequency less than that of the wake
passing. These and other hot-film traces of Fig. 16 are reminis-
cent of hot-wire signals observed in stalling axial compressors.
Given that there is little if any deflection through the rotor
blades at this condition, this may not be surprising. The extent
of the pressure side stall is such that for the first time at
negative incidence, a significant change in the suction surface
boundary layers can be observed. At 45 percent s, which is
usually the first gage to show transition, the raw signal ap-
pears to contain a patch of laminar flow between two larger
bursts of turbulent flow. In contrast to the pressure side
results however, the ensembled results at this and other suc-
tion side locations contain evidence of wake passing
phenomena, although this is less so nearer the trailing edge.
Some of the effects of negative incidence have also been in-
vestigated by Joslyn and Dring [8]. In particular, they
presented the results of flow visualization experiments and
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blade surface static pressure measurements. The higher blade
loading and differences in hub-tip ratio led to separation of
the pressure side boundary layer over the entire span at
relatively modest negative incidences (i.e., 15 deg). Never-
theless, their conclusions regarding the gross features of the
time mean flow field are broadly in line with the present ones.

Figure 17 contains a contour map showing the predicted
variation of Re, for a laminar boundary layer as a function of
rotor midspan incidence (positive and negative) and blade suc-
tion surface coordinate. The positions of the predicted and
measured laminar separation lines and the measured locations
of transition are also shown, Suction surface transition begins
at a value of Re, =200-210 and ends at Re, =290-295 pro-
viding that leading edge diffusion does not occur. Thus it ap-
pears that the stator wake is little affected by operation at in-
cidence as it is convected through the rotor blade passage. The
rapid thickening of the suction side boundary layer as a result
of the leading edge diffusion is illustrated by the upstream
shift of the Re, contours at even i= + 10 deg. On the pressure
surface (not shown), the value of Re, reaches a maximum
value of 160 near the trailing edge at i= —20 deg which,
according to available correlations, is still insufficient to cause
transition.

Loss Measurements and Predictions. The development of
the suction and pressure side boundary layers at midspan has
been described above with the aid of flow visualization and
hot-film data. In this section, the results of traversing a pitot
probe behind the rotor at midspan are presented. Figure 18
summarizes those results. Data were not obtained at the lowest
flow coefficient due to the inability of the traverse mechanism
to operate under the high centrifugal loads.

The profile loss coefficients of Fig. 18 show that the rotor
midspan is virtually unaffected for flow coefficients between
0.35 and 0.49 (—40 deg<i=0 deg). Presumably, this would
not be the case should pressure side stall occur. The predicted
losses, obtained by the method described above, correspond to
the measured values for the range of negative incidences
shown.

At positive incidence, the existence of suction surface diffu-
sion near the leading edge might be expected to be necessary
before the loss is to increase since transition otherwise occurs
on the back surface. The predicted loss curve for positive in-
cidence was therefore obtained by specifying transition at the
start of this diffusion, should it occur. At a flow coefficient of
0.54 (i= + 10 deg), the predicted velocity distribution has a
very small amount of leading edge diffusion. The reasonable
agreement between the measured and predicted loss suggests
that the above hypothesis is in fact correct. However, Fig. 18
also shows that the measured loss increases much more rapidly
with incidence than does the predicted value. Given that
leading edge separation occurs at flow coefficients above 0.59
(+20 deg), it is likely that this significant discrepancy can be
attributed to the loss generated by the leading edge separation
bubble, which is not included in the model.

Conclusions

The midspan performance of a turbine rotor blade has been
investigated over a range of flow coefficients and Reynolds
numbers.

At the design flow coefficient, the pressure surface
boundary layer was found to be laminar. On the suction sur-
face, three different phases of boundary layer development
were observed. The initial phase of laminar boundary layer
development was followed by transition caused by the wake
interactions and then turbulent flow once transition had been
completed.

Operation at reduced Reynolds number did not cause the
rotor midspan efficiency to deteriorate. On the suction sur-

APRIL 1989, Vol. 111/ 191

Downloaded 01 Jun 2010 to 171.66.16.67. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



face, the wake-induced transition prevented laminar separa-
tion and the associated loss penalty observed in cascade. Tran-
sition moved rearward as the Reynolds number was reduced
owing to the increased stability of the boundary layer. This
resulted in a near constant loss.

Due to the conservative design of the blading, significant
amounts of negative incidence can be withstood before the
midspan boundary layers deteriorate. Any disturbances pro-
duced in the attached pressure side boundary layer or in a
leading edge separation bubble are rapidly damped as the flow
accelerates to the trailing edge. The net effect of the wake in-
teractions is small at all negative incidences. Thus, the
midspan efficiency remains constant until pressure side stall
occurs.

On the suction surface, the interaction of the stator wakes
with the boundary layers influences the transition process, but
this is only significant when there is no leading edge diffusion
(i< + 10 deg). When there is leading edge diffusion, the wakes
affect the transition process, but it is suggested that transition
would occur anyway in the presence of leading edge separa-
tion. Therefore, operation at positive incidence probably in-
curs less of a penalty than steady flow cascade measurements
would suggest. This is because part of the penalty, in terms of
suction surface boundary layer transition, has already been
paid at the design condition.

The formation of turbulent patches in the presence of wakes
within an otherwise laminar boundary layer has been found to
be preceded by the formation of many turbulent spots which
then grow to form the turbulent patches.
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Evaluation of Turbine Field
Acceptance Tests: a Bayesian
Approach

A Bayesian error analysis is developed for treating systematic and random errors of
field test data from acceptance tests of large hydraulic turbine installations. A prac-
tical procedure is suggested for allocating test points among power levels for a

specified statistical precision of efficiency determination.

1 Introduction

The primary purpose of a Field Acceptance Test (FAT) is to
decide whether the efficiency of an installed turbine unit falls
within a no-payment tolerance band placed about the specified
efficiency, or, if not, the amount that must be paid by one
contracting party to the other. Recently, a new test procedure
was proposed so as to provide a coherent data base from
which an error analysis could yield a statistical estimate of the
unit’s performance at a given precision and confidence level
[1]. However, the need for a rational procedure to arrive at a
statistically defensible contractual decision still remains.

This paper develops further the work presented in [1],
specifically addressing the question of how to combine
systematic and random measurement errors. This question is
avoided altogether in present Test Codes [3, 4], while the cur-
rent draft revision of the IEC Test Code [7] suggests, without
justification, a root-mean-square combination of these errors.
This paper approaches the problem of error combination by
treating bias in terms of Bayesian statistics. In addition, a
practical procedure is suggested for objectively determining
the total number of test points, and their distribution among
output levels, in order to obtain a specified precision of effi-
ciency determination at a specified confidence level.

2 Efficiency Evaluation

The efficiency evaluation of an installed turbine compares
power output with available power at a number of power
levels P;. The resulting efficiency estimates E; are typically
weighted to provide an overall efficiency estimate

x
E= EajEj ¢y
Jj=1

k
where E a;=1, and the weights a; are contractually speci-

i=1
fied. Tjhe value E is then compared with a guaranteed (con-
tract) efficiency E,. Since turbine contracts award large
payments to one or the other contractual party as a direct
function of both the efficiency deviation |E—E, | and the ex-

Contributed by the Gas Turbine Division for publication in the JOURNAL OF
TursoMACHINERY. Manuscript received by the Gas Turbine Division February
1985.

Journal of Turbomachinery

perimental error in E, it is of considerable economic
significance to estimate that error accurately.

Reference [1] proposes a test procedure by which actual
measurements near the required power levels P; are first
transformed to rated head [1, App. 1}, and then linearly
transformed to P; {1, App. 2]. The following analysis assumes
such transformed efficiencies £;.

3 Error Analysis

To analyze experimental errors, the ith derived efficiency
value E;; (at power level P)) is expressed as

E,=Cotd )
Y Qj-H;
where Q and H are hydraulic discharge and net head.
Measurement errors in P;, Qy;, and H; translate into an effi-
ciency error with two components: systematic (bias) and
random.

3.1 Systematic Errors. After the calibration of all
measurement systems there remain residual systematic errors
whose magnitude and direction (+ or —) remain unknown.
For a given instrument installation the unknown bias
magnitude § and its direction are typically fixed. Thus no
amount of measurement, short of more precise calibrations,
will provide any information regarding the bias. However,
subjective information is usually available regarding possible
values of the bias magnitude for a given instrument. This in-
formation may have been derived from past experience of
more precise calibrations of similar instruments,! from instru-
ment calibration statements, or from engineering analysis of
the instrumentation system. On the other hand, only rarely
can anything be ascertained regarding the direction of bias.

Typically, in an engineering analysis of a given instrumenta-
tion system, a range of bias values is seen to be possible. Some
values in this range are likely to command more confidence
(or, conversely, uncertainty) than others in the minds of the
engineers doing the analysis. The different ‘‘degrees of belief”’

! Reference [5] presents regularly updated calibration limitations associated
with specific instrument types. These values may be used as a basis from which
to infer the bias magnitude expected of a given instrument.
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that express this uncertainty may be quantified by construct-
ing a bona fide probability density function (pdf) for a ran-
dom variable B, which represents possible values of the (fixed)
unknown bias 8. In this way valuable (nontest) information
regarding bias may be rationally encoded and incorporated in-
to a Bayesian statistical analysis of the overall error in E;.

In practice the residual bias § (not to be confused with in-
strument resolution) is expressed as the ratio of measurement
bias AM to the (unknown) value M of the measured quantity

B=AM/M. = - 3)

For a given instrumentation system this assessment tends to
have the following characteristics:

1 there is a single most likely value for 8;

2 the true value 3 is regarded as equally likely to be greater
or smaller than the most likely value;

3 the likelihood of 8 having a particular value decreases
rapidly the farther away it is from the most likely value.
When it is reasonable to attribute the above characteristics to
the available bias information, one may assume that the
degrees of belief can be encoded by a normal pdf on the ran-
dom variable B; i.e., B~N(up, 03). Hence the available bias
information need merely be employed to estimate the two bias
parameters ug and op:

(a) The parameter pj is estimated by the most likely value
mp on the basis of instrument calibration statements, etc.

(b) There may be sufficient bias information available to
agree on a bias band (my = AB) such that it can be stated to
have a 50/50 chance of bracketing the unknown (fixed) bias 8.
Given my and AB, the standard deviation o is then estimated
by s =AB/0.67.

An alternative approach is to estimate the ‘‘worst-case’’
bias my and to regard this value as a 99.9 percent confidence
limit. Thus oz would be estimated as sz = Img—mj 1/3.

In this fashion, a Bayesian normal pdf on bias may be
established for each instrumentation system (P, Q, and H).
These pdf’s are assumed independent of individual
measurements.

From the first derivative of (2) the relative efficiency bias S
is related to the bias in P, Q, and H as

By =AP/P—AQ/Q—AH/H (4a)

As a conservative approach to estimating g, the terms in
equation (4a) may be added

Be=Bp+Bo+Bu (4D)

Thus B is a normal random variable with mean value pgg
estimated as

Mpp=Mp+My+my (5)
and standard deviation oy estimated [6] as
Spr = (sh+ 5 + 5312 (6)

Furthermore, because the relative bias may be assumed in-
dependent of power levels P;, the bias of the weighted average
E is unaffected by the weighting scheme (1). Hence, this Baye-
sian approach yields a normal pdf MN(ugg, ogzz) on bias
magnitude, with parameters that can be estimated with
relative ease, utilizing the available (nontest) information in a
statistically defensible way. In contrast to the magnitude of
bias, its direction remains unknown. This feature is dealt with
in Section 6.

3.2 Random Errors. At a given power level P, n; sets of
measurements on Q and H are obtained [1] from which #; effi-
ciency values Ej; are calculated. The random measurement er-
ror is defined as the difference between a particular measure-
ment and the long-run average of such measurements. The
random error R; in the corresponding efficiency value is
assessed directly from the n; available calculated values E;.
This error is assumed to be a normal random variable with
zero mean and standard deviation o;, which depends on the
power level P;. Thus R;~N(0, o;). The parameter o; is
estimated at each power level from the data as

Ilj

s;=1 ) (By—E)*/(n;— ]2, )
i=1
where the mean value E| is obtained as
"j
Ej= ) Ey/n,

i=1

3.3 Total Error. It can now be stated that the statistical
(Bayesian) model for the calculated efficiency £, is

Ej=7;+B;+R; ®)

Since »; is constant and both By and R;; are normal random
variables, it follows that the average efficiency E; at P; is also
a normal random variable with mean value (y;+ppg) and
standard deviation (0% + 0%/n;)*/* (see [6]). Similarly, from
equation (1) the average weighted efficiency E is a normal ran-
dom variable with mean value

&
b= EajnjiﬂaE=WiHBE &)
j=1

and standard deviation

Nomenclature
test points
B; = Bayesian random k = total number of power s; = estimate of o;
variable representing leV.elS Pj U = contractual penalty
Bx mpp, Sgp = estimates of ugg, ogp (bonus)
C = dimensional constant n = average number of test z, = standard normal
¢ = estimated in-field points/power level variate at probability
cost/test point n; = number of repeated level y=1-(1-a)/2
E = estimate of observations trans- B relative bias in E
E; = ith test point efficiency ferred to P; 7 = average weighted tur-
estimate at P; P, Q, H = power output, bine efficiency
E; = mean efficiency hydraulic discharge, ; efficiency at P,
estimate at P; hydraulic head UBEs OpE mean, standard devia-
(estimate of n) P; = contractually defined tion of B
+AFE = error band on E at power level Ugs Of mean value, standard
confidence « R; = random error in £ deviation of E
h= slope of payment sg = estimate of o g; standard deviation of
function sg(n) = estimate of o5 for n R
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k k
o= Lohee Y3+ 3 a2
: j=1 j=1

This Bayesian model for the quantity E can thus form the
rational basis for contract decisions on y. In practice the value
ug is estimated by the final value E from equation (1), pzy and
opr are estimated as outlined in Section 3.1, and o, are
estimated by equation (7).

4 Assignment of Test Points to Power Levels

One of the practical decisions a test director (impartial third
party) has to make in the field is the assignment of the number
of test points n; at each power level P;. As the weighting
scheme (1) suggests, at some power levels the efficiency deter-
mination is more critical, requiring relatively more test points,
than at other power levels. At the same time, the test director
h%s to plan the test so that the total number of test points

E n; is likely to yield a specified precision AE at a given

J=1 . . e
level of confidence «. The following simple distribution
scheme is proposed as one meeting the above requirements in
an unambiguous way.

k
Let n= Enj/k be the average number of valid test
j=1
points per power level. It is then proposed that the total
number of test points kx is to be proportioned among the &
power levels as
(1n

This scheme assigns test points to power levels in proportion
to the weighting factors a;, while allowing a prediction of the
total test effort kn according to the precision requirement on E
as follows.

The Bayesian model of efficiency E is N(ug, o), where now

n; = kna;

k k
ot =obge Y, a2+ Y, a0¥/kn (12)
Jj=1 j=1

by substituting equation (11) into equation (10). Since the
FAT precipitates only one value of E, it is not possible to use a
t statistic for constructing inferences on pz with ¢, unknown.
However, oz can be estimated from (12) as s; by replacing
0Ogg, 0; bY Spg, 5;, so that inferences on p; can be based on the
approximate normal model of E: N(ug, sg). If the total
number of test points k» is at least 25, this approximation is
highly accurate. Hence, given a precision requirement on E
such that the interval (E+AEFE) is to bracket the (unknown)
long-run average of E with statistical confidence «, the total
test effort kn can be determined from the relation

z,=AE/og
as

K k
kn= ), as¥ [(AE/z,? —shge Y, ] (13)

i=1 i=1
Note that in order to evaluate n; from (11) prior to the FAT,
the values s; must be available as estimates from preliminary
tests [1].

In practice equation (13) may not yield a sensible prediction
kn if the precision requirement AE is too tight with respect to
the uncertainty sp; surrounding the bias. Relation (13) may
then be used to obtain an alternative, more realistic expecta-
tion of precision AE for a given bias uncertainty s, and total
test effort kn

k K
AE=z, [shpe Y, @2+ Y, a;s¥/kn]"2
j=1
provided preliminary estimates s; are available.

(14)

j=1

Journal of Turbomachinery

(10)

$ PAYMENT
Manufacturer pays

EFFICIENCY

Slqpe hy

Zy- 96

Utility pays

Fig. 1 The payment function and its evaluation for E<E,

From experience [1], the practical limit on the total test ef-
fort kn has been found to be around 100 test points, for which
equation (14) gives the limiting precision AE,,,. This limit
may be estimated prior to the FAT. If it is found to be unac-
ceptably large, the implication is that it would be worthwhile
expending money and effort to reduce the bias standard devia-
tion sy through better instrumentation.

5 Economics of Additional Test Points

In many cases preliminary estimates s; are not available, or
the turbine contract does not stipulate the confidence level o
on the precision AE, so that the total test effort kn cannot be
planned. In such cases, one may proceed with the FAT in in-
cremental stages until the dollar benefit derived from the im-
proved precision due to additional test points equals the cost
of obtaining these points.

If the initial test effort is kn; (eg., kn,=25 test points),
distributed among power levels P; according to equation (11),
then the resulting precision on E is sg(n;) from equation (12),
where ogp is estimated as spp and the o; are estimated as s;
from the available data. Next, suppose that additional test
points An, (eg., An; =10) are assigned to power levels P; so
that, cumulatively, relation (11) is satisfied approximately,
resulting in the precision sy (r; + An,) from equation (12). The
corresponding improvement in precision is As; =sg(n;)
—sg(n; +An;), and the dollar benefit is AU=heAs, -z,
where # is the slope ($/A efficiency) of the payment function
(see Fig. 1). The cost of additional test points is Ac=csAn,
where c is the in-field $-cost/test point. Testing then continues
in stages until the incremental benefit reaches the incremental
cost to within a suitable band of economic indifference, or un-
til a practical limit such as kn =100 is reached.

A running cost-benefit analysis, similar to the one
presented, was used by one of the authors during the FAT of a
large Canadian turbine installation [1]. This procedure was
found to be a highly practical way of rationally deciding the
total test effort k» in the field.

6 Contract Decision

Given kn test points, the average efficiencies E; and the
standard deviations s; of random errors are calculated; see
equation (7). The average weighted efficiency E is determined
from equation (1), and the standard deviation sz of the total
uncertainty associated with E is estimated; see equation (10).

From equation (9) the decision quantity  may be assessed
as Exmpyg. In evaluating the payment function, it is conven-
tional practice to give the benefit of the doubt to the contrac-
tual party that is to make payment, by assuming the bias direc-
tion in that party’s favor. Thus mpg is given the appropriate
sign. In addition, an «/2-level confidence interval on the ran-
dom error is used to adjust further the assessment of 5 in favor
of the liable party. Thus, 7 is assessed as

E*=E+mpg+2,5g if E<E, (15a)
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Table 1 Cumuiative test points and results of test sequence
% power wéighting Stages of Test Sequence
3j level Pj factor aj 1 2 3 4 5 6
Cumulative Test Points
1 100 0.10 3 4 5 6 7 8
2 90 0.25 6 9 i1 14 16 19
3 80 0.40 10 14 18 22 26 30
4 70 0.20 5 7 9 11 13 15
5 60 0.05 2 2 2 3 3 4
Total test points
per test stage: 26 36 45 56 65 76
Efficiency std.dev. (sE-m“') 6.6 6.4 6.0 5.7 5.5 5.4
Payment increment ($AU-103) - 31.4 62.7 47.0 31.4 15,7
Cost increment ($Ac'103) - 8.0 7.2 8.8 7.2 8.8
Incentive to 3
continue test ($-107) - 23.4 55,1 38.2 24,2 6.9

see Fig. 1, and as

E*=E—mpg—2, sg, if E>E, (15b)
Hence, the manufacturer pays a penalty
U=(E,~E*)oh,if E*<E,(orzeroif E*=E,) (16a)
or the utility pays a bonus
U=(E*-E,)ehy,if E*>E,(orzeroif E*<E,) (16b)

where %, and A, are the slopes of the two segments of the pay-
ment function (see Fig. 1).

7 Tllustration

For the purpose of illustration, the proposed procedures are
applied to the set of actual FAT data described in [1].
However, some of the contractual and other decision quan-
tities, as well as bias estimates, have been chosen arbitrarily.

In this example, the most likely relative bias magnitudes m
are estimated from instrument certificates and an analysis of
signal progression through the instrument system. The ex-
treme (99.9 percent confidence) bias magnitudes my are
estimated by analyzing each instrument system under the
“worst-case’’ approach, modified by past calibration ex-
periences. The standard deviations s of bias uncertainty are
then estimated as sz = lmgz—my 1/3:

mg mp Sp
Power 0.0011 0.0020 0.00030
Head 0.0012 0.0020 0.00027
Flow 0.0020 0.0044 0.00080

Hence the most likely relative efficiency bias is m g =0.0043
from equation (5), and the standard deviation of uncertainty is
Spr=0.0009 from equation (6). Assume that the particular
turbine contract specifies k=5 power levels at 100, 90, 80, 70,
and 60 percent of design output, with corresponding weighting
factors a, =0.10, a, =0.25, a; =0.40, a, =0.20, and a5 =0.05.
Suppose that the precision AE is not specified in the contract,
but that preliminary estimates s; for random efficiency errors
are available from exploratory testing: 5, =0.0030, 5, = s, =
54 =0.0025, 55 =0.0010. From relation (14) the limiting preci-
sion AE,,, for a maximum test effort of kn = 100 points is ob-
tained, with « at the conventional 95 percent level (z, = 1.96),
as 0.00104. That is, for kn <100 test points, the 95 percent
confidence band on E is predicted to be wider than =+ 0.00104.

Assuming that the above limitation on AE is acceptable to
both contractual parties, the FAT may be begun. An initial
assignment of n; =26 points is selected and distributed as per
equation (11); see Table 1. The FAT is conducted as described
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in [1], generating efficiency values from which standard devia-
tions (7) are calculated. The standard deviation of uncertainty
on E is calculated from equation (10) as s;(26) =0.00066. At
this point the 95 percent precision is 1.96-5:(26) = 0.00129.

The test continues by assigning a further 10 test points ac-
cording to equation (11); see Table 1. The resulting standard
deviation of E, based on the 36 accumulated test points, is
calculated as s;(36) = 0.00064. In this example the weighted ef-
ficiency E is found to be less than the guaranteed efficiency
E,, so that the payment slope #, applied (see Fig. 1) with the
value $800,000/0.1%E. Thus, the benefit of the decreased
value Sp is AU=8x108-0.00002+1.96=$31,400. The cost
coefficient ¢ is $800, based primarily on the cost of the test
crew per average time required for measuring a test point.
Thus the cost of decreased sz is 800 x 10=$8,000, and the in-
centive to continue testing is $23,400 at this point. See Table 1
for a continuation of the procedure. After 76 test points the
incentive of $6900 is deemed insufficient, and the test series is
terminated. Note that the rate of change of s from stage to
stage is not smooth, as it depends on the random outcome of
each test point.

The assessment of the decision quantity 5 is according to
equation (15a), with mgg=0.0043, z,=1.96, and
s =0.00054. In this example, the manufacturer is assessed the
penalty U=(E, — E—0.0043—1.96+0.00054)8 x 108 by rela-
tion (16a), where E is the final derived weighted efficiency,
based on the 76 test points.

8 Conclusions

A Bayesian treatment of measurement bias has been
presented that yields a normal distributional model for the
total measurement error in turbine efficiency evaluation. This
model allows for a statement of statistical precision on the ef-
ficiency value. Nontest information is used in a simple way to
quantify uncertainty regarding the magnitude of bias error, in
terms of estimating two bias parameters. These estimates may
be based on the specific instrument calibration statements rele-
vant to the FAT, or on systematically compiled and updated
published information for instrument classes. The normal
model of efficiency error allows the total test effort to be
chosen in accordance with a requirement of statistical preci-
sion, or in accordance with the economics of continuing the
test effort incrementally.

A practical scheme has been proposed for sensibly
distributing field test points among required power levels such
that the highest precision is obtained at the most frequently
used operational power levels, consistent with the intent of the
contractually defined weighted efficiency.

The proposed analyses are equally applicable to field accep-
tance tests of turbines or pumps, provided a coherent data
base exists, as may be obtained by the test procedures pro-
posed in [1].
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Potential Pressure Field by Stator/

H. Kodama

S. Nagano

Downstream Strut Interaction

The potential pressure field caused by stator/downstream strut interaction is in-

Research and Development Department,
Aero-Engine and Space Operations,
Ishikawajima-Harima Heavy Industries,
Tokyo, Japan

vestigated analytically and experimentally. It is shown that the small disturbance
theory using an actuator disk model gives a good prediction of the forward prop-
agation of downstream pressure perturbations. The calculation method of stator
tailoring to shield the upstream field from the effect of downstream struts is also

shown and verified by experiments.

Introduction

The interaction between rotor blade and potential pressure
field propagating from the downstream stator and strut is a
matter of increasing concern, especially because of the effect
on turbomachinery noise. Many investigations on the tone
noise generated by rotor/stator/strut interaction have been
done using a test engine (Woodward and Balombin, 1984) and
amodel fanrig (Ho, 1981; Nakamura et al., 1986). In addition,
detailed unsteady pressure field caused by the interaction on
the rotor blades was also investigated (Ng et al., 1987).

The usual design procedure to reduce the influence of down-
stream pressure distortion on rotor blade is to increase the
axial spacing betwen rotor blade and strut. However, this adds
unnecessary weight to the engine. Consequently, it is required

" to make an effort to understand the manner of propagation
of downstream distortion and tailor the flow to shield the rotor
blade from the effect of downstream strut,

The most widely used method to predict the potential pres-
sure field due to stator downstream strut interaction is the
Douglas-Neumann singularity superposition method (Barber
and Weingold, 1978; O’Brien et al., 1985). The method is also
applied to the design of stators to block the strut thickness
effect (Rubbert et al., 1972). In the method, the boundary of
each body is approximated by a large number of line-segment
elements and the strengths of singularities distributed over a
line-segment element are calculated to satisfy the zero through-
flow condition along the body surfaces. This leads to a set of
linear algebraic equations and the number of equations is re-
lated to the total number of line-segment elements. In the case
of stator downstream strut interaction, all stator vanes existing
in one cyclic circumferential distortion have to be treated in
the calculation. It sometimes happens that, because of a large
number of stator vanes, the calculation requires unsatisfactory
computing time or unacceptable capability of computer stor-
age. On the other hand, an analytical method using a small
disturbance theory (Kodama, 1986) replaces the stator row by
an actuator disk and reduces the problem of determining the
disturbance flow quantities to that of solving a small number
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sterdam, The Netherlands, June 5-9, 1988. Manuscript received by the Inter-
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of linear algebraic equations for each harmonic component of
the distortion. By combining the actuator disk model with the
singularity superposition method in the analysis of stator
downstream strut interaction, the computing time can be sig-
nificantly reduced and its applicability can be also extended
within a restricted computer storage.

The objective of the present paper is first to provide an
assessment of the accuracy of an actuator disk model by mak-
ing detailed comparisons between calculated and measured
results for the case of stator interaction with downstream strut,
and secondly to show the method, using an actuator disk model,
of stator tailoring to screen the effect of downstream strut.
Verification of the method with experimental data is also in-
cluded.

Potential Pressure Field Calculation Method

An actuator disk model assumes that the circumferential
wavelength of disturbances is much larger than the vane spac-
ing. Further it is assumed that the flow turning, streamline
contraction, and total pressure losses occur suddenly at the
actuator disk plane. In the theory, the governing equations for
an ideal, inviscid, isentropic (but not homoentropic) com-
pressible fluid are linearized using the assumption that the
perturbation quantities are sufficiently small compared to the
mean quantities. The linearized equations are applied to the
upstream and downstream flow field of the actuator disk sep-
arately. In order to join the separate flow fields, the physical
boundary conditions are introduced at the actuator disk plane.
They are the conservation of mass, the conservation of energy,
the change in total pressure loss due to circumferential vari-
ation in inlet flow, and the specified flow direction at the
trailing edge plane of the cascade. Appropriate detailed de-
scription of the theory is given by Kodama (1986). Because of
the linearized nature of the solution, the circumferential profile
of the perturbation can be decomposed into pure harmonic
components, and the analysis is carried out for each harmonic
perturbation. There is no total pressure or total temperature
distortion upstream of the stator. For simplicity, the variation
of stator pressure loss due to circumferential variation in inlet
flow direction is neglected. Consequently, the vorticity and
entropy waves disappear in the present analysis, so that all
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perturbations are composed of the two waves related to an
irrotational field, in which one is attenuated in the upstream
direction and the other in the downstream direction, The per-
turbation components of pressure, velocities, and density are
expressed by

= = {C,exp(klx) + Czexp(kzx)}exp(iky) )
M
1 k
LA AN Ciexp(\X)
i . Mx(-kl +iM,
N
1 k .
" CzeXD(kzx) X exp(iky) 2
()
v 1 i C O
— = § —————— Ciexp(\\x
@ « Mx<%> + M,
1 i
TN Crexp(\x) ¢ X exp(iky) (3)
M < kz) +iM,
o 1
;‘—) ;{Clexp()\lx)+Czexp()\2x)}exp(1ky) 4)
where
= ©)
A= k MM A/ 1-M2- M2 6
l_'l_M%{lxy'}' T Wi T yl ()
A= M2 1-M2-M2} (7)

In the upstream flowfield of the stator, there is no pressure
perturbation that propagates from the upstream (C,,=0), and
the pressure perturbation due to downstream strut and pylon
is given (Cyy is given). Thus two unknowns (C,,, C,,) should
be determined from the following boundary conditions at the
actuator disk:

° Conservation of mass flow through the actuator disk

Experiment

Model Rig. The test of stator downstream strut interaction
was carried out using an annular model rig. As shown in Fig.
1, the rig consists of a bellmouth entry, a preswirl unit designed
to simulate the stator entry flow, and a working section con-
sisting of a model of the stators, struts, pylons, and annulus
passage. The air then enters a section of parallel annulus, in
which both top and bottom pylons are maintained at constant
width and height. The model test was performed on the suction
facility.

The top pylon has a 28-deg wedge blending into a 94-mm-
wide slab-sided structure, and the bottom pylon starts with a
similar wedge but blends into a narrower 39-mm slab-sided
structure. In each case the leading edge of the pylon is swept
at 7.5 deg.

There are eight struts in addition to the top and bottom
pylons. Each strut has the same uncambered profile with a
chord length of 43.5 mm and a thickness/chord ratio of 22.5
percent. Leading edges of the struts are swept at 7.5 deg and
lie in approximately the same axial position as the pylon leading
edges. The struts are staggered by rotating them about an axis
parallel to the strut leading edges, and the axes are located at
30 percent chord from the leading edges. The circumferential
position of the struts is defined by placing the pivot axes at
equal intervals of 36 deg around the duct.

The stator ring consists of 60 aerofoils at an equal pitching
of 6 deg. The acrofoils have a chord length of 18 mm and the
shape has no radial variation. The leading edges of stator are
also swept at 7.5 deg.

The circumferential arrangement of pylons, struts, and sta-
tor vanes is shown in Fig. 2.

PLANE C PLANE B PLANE A STRUT AND PYLON
BELLMDUTH PRE- SNIRL YVANE I l a E
P S /
o/
i :
YRy
ppi . .

; / i
! / |
£=90. 5mm PIVOT CENTER r=94mm

LINE

DUCT CENTER LINE
a=17.6mm

b=14.4mm
¢= 7.5mm
4=26.4mm
e=84.1lmmn

e Specified flow direction at the actuator disk exit Fig. 1 Schematic of model rig
Nomenclature
A = eigenvalues of perturbation
@y = velocity of sound Py, P = mean and perturbat_ion quantities
C,, C, = complex coefficient of the components of static pres- pp, = mean and perturbation
pressure perturbation r 2g£)erdinate in radial dire components of density
G = (Sj?tfi‘gegrgssure cqeff1c1ent tion ¢ Subscripts and Superscripts
y equation (8)
C = airfoil chord UV =xy components of mean 0 = mean .component of flow
) velocity quantity
I =a/-1 u, v = x,y components of velocity d = downstream of trailing edge
k = parameter defined by equa- perturbation plane
tion (5) x = coordinate in axial direction u = upstream of leading edge
L = periodic length scale of cas- y = coordinate in circumferen- plane
cade tial direction X = Xx component
M = Mach number of mean flow By, 8 = mean and perturbation y = y component
n = circumferential harmonic components of flow angle ’ = mean value plus perturba-
number k = ratio of specific heats tion
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The preswirl unit consists of 13 vanes. The vanes were de-
signed to give a swirl angle of 35 to 37 deg at the stator inlet.

Instrumentation. The instrumentation planes for static
pressure distortion measurement are shown in Fig. 1. Plane A
was approximately 0.5 stator chord downstream of the stator
trailing edge, and approximately midway between stator trail-
ing edge and pylon/strut leading edge at the tip. Plane B was
approximately 1.5 stator chords upstream of the stator leading
edge. Plane C was approximately 5 stator chords upstream of
the stator leading edge.

In order to isolate the effects of the stator and struts from
the distortions naturally present in the duct, the pressure co-
efficients measured in the baseline configuration with no struts
or pylons fitted, and with the stator ring fitted, were averaged
over the range of flows, and subtracted from the pressure
coefficients measured for the various stator/strut/pylon ge-
ometries. This has the effect of removing the pressure field
downstream of the preswirl unit.

The overall mass flow through the model was measured by
an airmeter bellmouth at the entry to the rig, which sucks air
from ambient conditions. Four static pressure taps on the wall
of the bellmouth, together with a theoretical estimate of the
boundary layer growth around the bellmouth and inlet ambient
pressure, were used to derive a mass flow. An average Mach
number was estimated using the overall mass flow, circum-
ferentially averaged static pressure, and swirl angle.

Comparison Between Calculation and Experiment

The comparisons of calculated and measured results were
made in the following strut configurations:

Case 1: [Eight struts are all axial.
Case 2: Eight struts are staggered to reduce the induced
distortion, but not minimized yet.

Journal of Turbomachinery

(=]

.| /w/\\
157 Oﬂw&

-05 |

JU“A A

(o]

STATIC PRESSURE CQEFFICIENT
a

-1.0 s v "
~90 0 90 180 2710
CINCUMFENENTIAL LOCATION {Dee}

(a) Plane A

003
O
[f o
3|
&' 0.02
=l
@
w
€
a
o
E oo
A
3
3 0
o
Q
Z

-0.01

il
oo _
-0-02, 0 30 180 270
90 CINCUMFENENTIAL LOCATION (Deo}
(b) Plane B

§|
14
2

2
2

NORMAUZED STATIC PRESSURE
o
= )

0 90 L) 210
CIRCUMIFERENTIAL LOCATION (Deg)

(c)}) Plane C

Fig. 3 Comparison of measured and calculated static pressure per-
turbation (Case 1, M = 0.39): —— calculation; & measurement

Relative to Case 2, the stagger angles of the struts
adjacent to the top and bottom pylons are in-
creased to minimize the induced distortion.

Case 3:

The comparisons were made at different flows for Cases 1 and
2. All calculations were done at the tip section so as to compare
with the outer wall static pressure measurements. Mean com-
ponents of flow quantities appearing in equations (1)-(4) were
estimated from the measurements.

In the analysis, the pressure perturbations due to down-
stream strut and pylon (C,,) were obtained by the incompres-
sible singularity superposition method. Corrections were made
on the strut circulations considering the viscous effect. It should
be noted that the stator vanes were not included in this cal-
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culation. The compressibility was taken into account by the
Prandtl-Glauert transformation. The results are shown in Figs.
3 to 7. In these figures, Ma denotes the average Mach number
at Plane A. The pressure perturbations at Plane A are rep-
resented by static pressure coefficients, defined by
p' —p
G=7 —— @
5 po(U2+ V)

The prediction showed generally good agreement with exper-
imental results.
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Calculation Method of Stator Tailoring

This method is another application of a two-dimensional
actuator disk model. A circumferential profile of the flow angle
at the stator exit to shield the upstream from the downstream
pressure perturbation is calculated.

When the upstream of the stator is completely shielded from
the effect of downstream strut and pylon, no pressure per-
turbation exists in the upstream flowfield (C,, = C,, = 0).
This means that there is no pressure disturbance to cause an
interaction with upstream rotor blades. Therefore, it can be
assumed that there is no total pressure and total temperature
variation in the upstream of the stator. For simplicity, the
variation of stator pressure loss due to circumferential differ-

Transactions of the ASME

Downloaded 01 Jun 2010 to 171.66.16.67. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



STATIC PRESSURE COEFFICIENT

-0 . . N
-30 0 90 180 270
CIRCUMFERENTIAL LOCATION (Deg!}
(a) Plane A

NORMALIZED STATIC PRESSURE %—.DE‘_Q_

~0.01

'0’9290 ] 90
CIRCUMFERENTIAL LOCATION (Dao)
(b) Plane B
0.02
il
W
w
2
a
w
T [}
4]
=
; S\
0
i} o
F L < s
Q -0
z ® ©
-0.02 L .
-90 Q 2Q 180 270
CIACUMFERENTIAL LOCATION (Deg}
(c) Plane C
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ence in the stator load is neglected. The same assumption can
be applied to the downstream flowfield. The pressure pertur-
bation due to downstream strut and pylon is given (Cy, is
given). Consequently we have only one unknown (C,;), and
this should be determined from the condition of mass flow
conservation through the actuator disk. Since the upstream of
the stator has entirely no perturbation, the expression for the
mass flow conservation becomes as follows:

Poatty + paUy; = 0 (at the stator trailing edge) 9)
Substitution of equations (2) and (4) into equation (9) yields

the following expression:
Gy + Gy = 0 (10

where
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Mg
1 k M
@ = = - + = (11)
K 1d .
M, (‘k—> +iM,,
Mg
1 k M
W= = (12)
K 2d . K
M, (7{“) +iM,,
Thus C,, can be obtained from
oy
Cu=——Cu (13)
25
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Fig. 9 Static pressure perturbation due to downstream strut and pylon
for the calculation model shown in Fig. 8

As the velocity perturbations in the downstream of the stator
can be calculated using C,and C,,, the flow angle at the stator
trailing edge can be determined from

M.+ <ﬁ>
yd ao)a
tan(Boa+Ba) = ——7,x= (14)

ay/ d

The above circumferentially varied flow angle should be
achieved by the stator in order to block the effect of down-
stream strut and pylon.

Analytical Verification of Stator Tailoring Method. The
Douglas-Neumann singularity superposition method was used
to verify the stator tailoring method developed in this paper.
The calculation model is shown in Fig. 8. There are 35 stator
vanes, four struts, and one pylon. First of all, the pressure
distortion due to downstream strut and pylon (C,,) was cal-
culated using the singularity superposition method, and the
result is shown in Fig. 9. It should be noted that the stator
vanes were not included in this calculation. C,; was calculated
from equation (13), and subsequently, the profile of flow angle
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Fig. 11 Calculated static pressure perturbation at upstream of the sta-

tor for calculation model shown in Fig. 8

that should be achieved at the stator trailing edge plane to
block the effect of downstream strut and pylon was obtained.
The result is shown in Fig. 10. Finally, this result was applied
to the stator vanes in the calculation using the singularity
superposition method. The stator vanes were differently cam-
bered from vane to vane so that the imposed flow angles at
the stator trailing edge became the calculated flow angles at
the corresponding circumferential positions. The result of the
upstream pressure perturbation is shown in Fig. 11, and in this
figure, the calculation result using nominal stator vanes with
axial exit flow angles is compared. It is found that the pressure
perturbation is considerably reduced in the upstream flowfield,
but not perfectly reduced. This imperfection is mainly at-
tributed to the assumption of infinitely small pitch used in the
actuator disk model.

Experimental Verification of Stator Tailoring Method. The
experiment was carried out on the same rig previously de-
scribed. The strut configuration of Case 3 was selected for the
stator tailoring calculation. The pressure perturbation due to
downstream strut and pylon (C,,) was obtained by the same
procedure used when the upstream pressure perturbation was
predicted. The calculation was done at tip section and the
resultant flow angle is shown in Fig. 12.

In order to achieve the calculated flow angle at the stator
trailing edge plane, another stator ring was designed with cir-
cumferentially varied stagger and camber of the vanes. The
nine kinds of stator vane already available with different design
exit flow angles were used. These vanes were set at different
stagger angles from the designs to give desired exit flow angles.
Ideally, each vane should have had a different stagger angle,
so as to produce different exit flow angles, but this was not
practical from a manufacturing point of view. Thus exit flow
angles were grouped in 11 kinds as shown in Fig. 12. The
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Fig. 12 Calculated flow angle by stator tailoring method for the model
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Table 1 Design exit flow angie and change in stagger angle

I !

STATOR VANE NO. 1] 1 2 3 3 4 5 6 7 [ 9
DESIGN EXIT FLOW ANGLE 7.3 | 7.3 ) 4.3 3.2 ¢ 3.2 1.7)-0.4{-2.9]-4.1| ~4.4]( -6.5

CHANGE IN STAGGER ANGLE

1.1 9 1.9 0.9 1-0.9 [-0.7{-0.4§-0.2]~-0.4]|~2.0{ -1.4

RESULTANT EXIT FLOW
ANGLE

P [

{deg)

information on the design exit flow angle and the change in
stagger angle is supplied in Table 1, and the circumferential
arrangement of the vanes is found in Fig. 12.

The experimental result measured at Plane C is shown in
Fig. 13. The results of the case for nominal stator vanes are
also shown for comparison. The effect of circumferentially
varied stagger and camber of the vanes on the upstream pres-
sure perturbation is easily found.

Conclusion

A two-dimensional actuator disk model led by a small per-
turbation theory was used to predict the pressure perturbation
due to stator/downstream strut interaction. The analysis was
verified by the experimental measurements carried out on a
model rig, and good agreement was obtained.

The stator tailoring method, which is another application
of an actuator disk model, to block the effect of downstream
strut was also shown. The method was verified analytically
and experimentally. Good practical results were obtained.
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